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Boundary Layer Separation
Control With Fluidic Oscillators

Ciro Cerretelli

Kiepe Electric S.p.A.,

Cernusco S.N. (MI), 20063, Italy
e-mail: cirissimo@yahoo.com

Kevin Kirtley

GE Energy,

Greenville, SC 29515

e-mail: kevin.kirtley@ge.com

Fluidic oscillating valves have been used in order to apply unsteady boundary layer
injection to “repair” the separated flow of a model diffuser, where the hump pressure
gradient represents that of the suction surface of a highly loaded stator vane. The fluidic
actuators employed in this study consist of a fluidic oscillator that has no moving parts or
temperature limitations and is therefore more attractive for implementation on production
turbomachinery. The fluidic oscillators developed in this study generate an unsteady
velocity with amplitudes up to 60% rms of the average operating at nondimensional
blowing frequencies (F") in the range of 0.6 <F' <6. These actuators are able to fully
reattach the flow and achieve maximum pressure recovery with a 60% reduction of

injection momentum required and a 30% reduction in blowing power compared with
optimal steady blowing. Particle image velocimetry velocity and vorticity measurements
have been performed, which show no large-scale unsteadiness in the controlled boundary
layer flow. [DOI: 10.1115/1.3066242]

1 Introduction

A great emphasis has recently been placed on assessing the
merits of fluidic flow control in overcoming boundary layer sepa-
ration [1-5]. This situation presents itself throughout the compres-
sion system of aircraft engines in highly loaded turbomachinery
passages and transition ducts and is a limiter in engine perfor-
mance and efficiency [1]. By injecting small amounts of air taken
from high-pressure engine sources into the near wall region up-
stream of a separated flow, the boundary layer may be sufficiently
energized to overcome the downstream adverse pressure gradient
and avoid flow separation in aggressive engine components. Be-
cause the extraction of this high-pressure air results in a penalty
on overall aircraft engine performance and efficiency, it is neces-
sary to implement boundary layer injection as efficiently as pos-
sible and minimize the flow requirements in order to achieve a net
positive impact on engine performance.

In a recent study, Luedke et al. [6] investigated steady blowing
flow control in a hump diffuser as a means of preventing boundary
layer separation due to an adverse pressure gradient. Discrete hole
injection has been analyzed to determine the optimum injection
configuration in terms of hole diameter, hole spacing, and hole
orientation (yaw angle). Yawed injection (#=45 deg) has been
shown to be the most effective configuration, with significantly
higher pressure recovery arguably due to enhanced shear layer
mixing induced by large-scale corotating vortices resulting from
the jet-main flow interaction.

The focus of the present effort is to investigate possible ways of
improving the effectiveness of fluidic injection schemes to levels
beyond the previously optimized techniques for steady blowing. It
is very well known [7,8] that pulsing the boundary layer greatly
reduces the amount of injected mass flow, which is necessary for
the control of separated flow, and a great deal of attention has
been paid to the quantification of the benefits of pulsing in the
previous 2 decades [9]. This research has provided great insight
upon the physics of large coherent structures. It has also achieved
impressive results in the control, or rather the manipulation, of
turbulent shear flows, with reduction of more than two orders of
magnitude in the required mass flow to repair flow separation. The
vast majority of these studies, however, generate unsteady blow-
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ing by means of mechanical or piezoelectric actuators, which are
often large in size, employ numerous moving parts, have reliabil-
ity issues and limited lifetime, or are extremely difficult to imple-
ment in high temperature turbomachinery components. Therefore,
the most urgent issue that is pertinent to the engineer who is
looking to successfully implement unsteady flow control is the
development of an actuation mechanism that can meet gas turbine
engine requirements. For this purpose, in recent years there has
been a renewed interest in the field of fluidics [10,11], in particu-
lar to fluidic oscillators for flow control application. There have
been attempts [12] to incorporate these devices in turbomachinery
components such as stator vanes. The results, however, have not
been entirely positive up to this point. The reasons for this are
probably related to the high-pressure drop and the consequential
injected mass flow penalty that these actuators require to generate
unsteadiness. It is necessary to operate these devices close to the
point of their maximum efficiency and in a way that is the most
effective on repairing the separated boundary layer flow. Because
of the highly complicated vane design and the narrow spaces as-
sociated with turbomachinery applications, this is not a trivial
exercise.

The intent of this study is to demonstrate the viability of pas-
sive fluidic actuators to perform unsteady blowing and to quantify
their benefit. These actuators consist essentially of a fluidic
bistable switch, have no moving parts or temperature limitations,
and are therefore more attractive for implementation on produc-
tion turbomachinery.

2 Experimental Setup

A picture of the GE GRC diffuser rig model, aft looking for-
ward, is shown in Fig. 1. The lower wall contour of the test model
under investigation (Fig. 2) is designed to produce a streamwise
pressure distribution representative of that found on the suction
surface of a highly loaded compressor stator blade. This distribu-
tion provides an unanchored, naturally separated flow pattern
downstream of the crest and includes the streamline curvature
seen in compressor blades. Seifert and Pack [13] and Viken et al.
[14] studied a similar hump model; however the separated flow
over the hump was anchored by a highly convex surface. The rig
is an open circuit flow system, exhausting into ambient. The upper
and sidewalls of the model are flat and result in a cross section at
the crest of the lower hump with an aspect ratio of 6. Fences are
placed 0.25 chord lengths from the sidewalls to minimize the
effects of sidewall boundary layers and therefore reduce flow
three-dimensionalities along the span. Flow control is introduced
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Fig. 1 GE GRC diffuser test rig, aft looking forward

along the span of the model at the location of the crest of the
hump, just upstream of the line of natural separation. The stream-
wise pressure gradient is adjusted by changing the configuration
of the model upper wall, which is hinged above the crest of the
lower surface (Fig. 2). This allows for comparison of the effec-
tiveness of injection configurations in the presence of a progres-
sively stronger adverse pressure gradient downstream of the crest.

The model has been designed to allow for easy implementation
of various flow control configurations. The surface area along the
crest of the hump where flow control in the form of steady or
unsteady blowing is applied consists of a removable insert that
completes the contour of the hump. By making this portion of the
lower surface removable, injection patterns may be changed with-
out requiring any alterations to the overall rig. A plenum, which is
fed by five equally distributed 2.54 cm diameter pipes, is fixed to
the bottom of the flow control insert to provide a uniform flow
source.

A direct current blower is used to supply the main flow to the
diffuser. Secondary air for flow control is supplied by 6 bar house
air. The main flow is delivered to a settling chamber through a
shallow angle diffuser, designed with an expansion angle of 7 deg
to avoid boundary layer separation. The 1.219 m diameter settling
chamber is fitted with a layer of aluminum honeycomb to suppress
any swirl and lateral mean velocity variations exiting the diffuser.
Immediately downstream of the honeycomb are two rows of 3.2
mm thick perforated plates to suppress longitudinal mean velocity
variations and to reduce the inlet turbulence intensity [15]. Down-
stream of the plates, an elliptical bell mouth transitions to the
12.2X50.8 cm? rectangular cross section. Because of the large
aspect ratio of the duct cross section, an optimized bell mouth

e ’

c=6.0"

Fig. 2 Hump diffuser cross section
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Fig. 3 Layout of wall static pressure taps on (a) lower and (b)
upper model walls

design is not practical. An inlet wire mesh is located at the exit of
the bell mouth to reduce any spanwise nonuniformities resulting
from the design.

Baseline, no-flow-control test conditions correspond to a
freestream velocity of 25.9 m/s and Re. of 300,000. The
freestream condition is defined at center span, center height, and
0.3 chord lengths upstream of the hump model leading edge (ori-
gin of coordinate system in Fig. 2). Trip wires made of 0.25 mm
diameter wires are placed along the perimeter of the duct up-
stream of the test section to ensure turbulent transition for the
incoming low Reynolds number flow.

3 Diffuser Measurements

3.1 Measurements and Performance Metrics. The diffuser
test rig is instrumented with 164 static pressure taps along the
upper and lower flow path walls. A schematic of the locations of
the pressure taps is provided in Fig. 3, with s/c=0 defined at the
hump leading edge (Fig. 2). Four rows of spanwise taps with 2.54
cm spacing are located along the lower wall at 0.12, 0.64, 0.81,
and 0.90 chord lengths downstream of the hump leading edge.
Two rows of spanwise taps are located along the upper wall at
0.12 and 0.90 chord lengths (measured with an upper wall at («
=0 deg). An axial row of taps equally spaced at an arc length of
6.35 mm is located along the centerline of both the upper and
lower walls. The freestream flow condition, as identified in Sec. 2,
is monitored through a Pitot-static pressure probe and a subsonic
Venturi-meter located in the upstream supply piping. The mass
flow rate and pressure of the secondary flow control air are also
monitored during the tests.

Two key performance metrics are considered, the local pressure
recovery coefficient (Cp,) and the overall diffuser pressure recov-
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ery coefficient (Cp), as defined in Egs. (1) and (2). Cp; is calcu-
lated along the centerline of the lower wall to monitor the pressure
recovery distribution along the hump contour, while Cp provides
a measure of the overall diffuser performance. The crest dynamic
head is approximated in these quantities by the difference between
the freestream total pressure measured upstream of the test section
and the spanwise averaged crest static pressure. Because Cp, and
Cp are relative performance measures and are consistently defined
throughout the study, this approximation is deemed adequate,

Py($) = Py ores

.= s _s,crcst (1)
Pr,FS - Ps,cresl

Cp - Px,exit - ﬁs,crest (2)

Pt,FS - Ps,cresl

3.2 Data Acquisition. A Scanivalve system with six 48-port
modules, each with a dedicated differential pressure transducer, is
used to monitor the pressure signals from the 164-wall static pres-
sure taps as well as the freestream Pitot-static probe. Scanivalve
data are sampled through a National Instruments E-Series 16 bit
high-frequency data acquisition board at a rate of 20 Hz for a
period of ten samples after a 2 s settling time. The frequency
content cutoff of measured pressure signals in the separated flow
region has been experimentally shown to be less than 5 Hz, indi-
cating that sampling rates greater than 10 Hz are free from alias-
ing. This low-frequency content is likely due to the damping pro-
vided by the length of small diameter plastic tubing connecting
each pressure tap to the measurement port and is not related to the
actual frequency content of the flow unsteadiness. The effect of
the number of samples on the measurements has been studied, and
ten samples have been shown to be adequate to determine the
actual mean pressure values. The 2 s settling time has been shown
through testing to be adequate for allowing the pressure port vol-
ume to equilibrate. Additional differential pressure transducers
monitoring Venturi-meter and settling chamber temperatures and
pressures are channeled through a Validyne CD280 carrier de-
modulator and sampled through a National Instruments FP1600
Field Point system. Statistics from the Field Point measurements
are recorded and phased with the mean and standard deviation of
pressures measured for each Scanivalve port. By setting the sta-
tistics time interval for the Field Point data to some time less than
the total time of one complete Scanivalve rotation (48 ports), each
set of statistical Field Point data is guaranteed to be representative
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of the same flow condition of the corresponding Scanivalve rota-
tion data. A schematic detailing the configuration of the data ac-
quisition system is shown in Fig. 4.

3.3 Measurement Error. An analysis of measurement capa-
bilities has been performed on the measurement system of the
current study to assess the repeatability and reproducibility of
pressure measurements. For this assessment, each flow control
insert is assembled in the diffuser rig, tested, removed, and then
reassembled and retested to determine the random error due to the
measurement system and the part-to-part variability. This assess-
ment has been performed for the a=-5 deg diffuser configuration
in terms of overall pressure recovery levels, Cp, for the baseline,
no-flow-control condition. A one-way analysis of variance of the
test data gives a measurement standard deviation due to repeat-
ability error of =0.01Cp, with a ratio of part-to-part variability to
measurement variability of about 27. These results indicate that
measured differences in Cp due to different characteristics are
well above the level of expected measurement noise. Geometric
tolerances are specified as +0.08 mm.

3.4 PIV Measurements. A TSI Insight particle image veloci-
metry (PIV) system has been used to obtain quantitative measure-
ments of velocity. The experimental arrangement is shown in Figs.
5(a) and 5(b). Atomized olive oil particles have been used to seed
the flow. These particles were illuminated by a laser sheet, of 3
mm thickness, from two pulsed yttrium aluminum garnet (YAG)
lasers. Images of the particles were captured using a Kodak Mega-
plus (1008 X 1018 pixels) camera and were transferred in real
time to a PC at an image rate of 15 Hz. Pairs of images were
analyzed using cross-correlation of subimages and were digitally
implemented. Further details of this experimental technique can
be found in the TSI Insight user manual. The measurement stan-
dard deviation of the velocities in the highly separated flow area is
*0.05U.

4 Hump Diffuser Performance Without Flow Control

As reported by Luedke et al. [6], no-flow-control tests have
been performed in order to assess the reference pressure distribu-
tion through the model in the presence of separated flow. These
tests are run at a mass flow rate of 1.9 kg/s, corresponding to a
freestream velocity of 25.9 m/s. The midspan streamwise lower
surface pressure distribution is plotted in terms of Cp, in Fig. 6(a)
for both the =0 deg and a=-5 deg diffuser configurations. Be-
cause the =0 deg configuration has a larger expansion area dis-
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Fig. 6 (a) Baseline local pressure recovery curves along the
lower surface for =0 deg and —5 deg. Flow control insert is
located between 0.5=s/c=0.62. (b) Spanwise lower wall pres-
sure distribution at s/c=0.12, 0.64, and 0.81 (e=-5 deg).
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Table 1 Geometric features of optimal discrete hole insert

Discrete hole insert

d=1.905 mm
b=7.620 mm
N=54
0=45 deg
1/d=6.5
Agpen=1.568 cm?

tribution, the associated pressure recovery increases at a slightly
steeper rate than the «=-5 deg configuration just downstream of
the crest (0.64 <s/c¢<0.75). However, this larger expansion area
also creates a stronger adverse pressure gradient in the diffuser,
and therefore the separation point moves upstream relative to the
a=-5 deg configuration, resulting in a lower exit pressure recov-
ery level. Shown in Fig. 6(b) are the spanwise pressure distribu-
tions for the lower wall pressure tap rows located in the acceler-
ating region of the hump (s/c=0.12), at the crest (s/c=0.64), and
in the decelerating region (s/c¢=0.81). The lower surface inlet
flow appears quite uniform across the span, whereas the distribu-
tion at the crest shows significant sidewall pressure deficits. This
sidewall deficit is likely due to the fact that the weak corner flow
along the base of the fences separates earlier than the midspan
flow. This nonuniformity is seen to have dissipated by s/c=0.81
where a near constant pressure distribution is found across the
span within the separated region.

When comparing the effectiveness of unsteady blowing with
respect to steady blowing, the strongest adverse pressure gradient
a=0 deg configuration was employed to have a sharper quantifi-
cation of the benefits of flow control.

5 Steady Injection Characterization

In a previous investigation on the same experimental rig,
Luedke et al. [6] tested a series of discrete steady injection flow
control configurations to determine the effect that each of a series
of flow and geometric parameters has on the lower wall pressure
recovery distribution. The parameters considered in the study are
injection hole diameter (d), injection hole spacing (b), injection
hole yaw orientation (6), injection momentum coefficient (C,,),
and velocity ratio (Vg), where (C,,) and (V) are defined as in Eqs.
(3) and (4), respectively. Each combination of flow control param-
eters is tested under both the =0 deg and —5 deg upper wall
configurations to determine their relative effectiveness in a pro-
gressively stronger adverse pressure gradient,

myV
Cu= (CpUpsien), 3)
2FYFS baseline

Vi

( UFS) baseline
Yawed injection (#=45 deg) has been shown to be the most ef-
fective configuration, with significantly higher pressure recovery
arguably due to enhanced shear layer mixing induced by large-
scale corotating vortices resulting from the jet—main flow interac-
tion. Both hole and slot injections have been tested, with discrete
injection capable of achieving increased pressure recovery at re-
duced levels of momentum injection.

While the reader should refer to the original paper for the com-
plete details of this study, the most effective configuration for
steady blowing constitutes the baseline for the present work, and
the pertinent results are summarized here. The geometric charac-
teristics of this configuration are summarized in Table 1, and the
diffuser pressure recovery is plotted in Fig. 7. It is interesting to
note that as soon as injection is initiated, the pressure recovery
coefficient falls to lower values. This drop in performance is likely

Vi 4)
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Fig. 7 Diffuser pressure recovery for discrete injection insert
as a function of C, for =0 deg

due to the fact that at very low velocity ratios injection perturbs
the flow stream and may promote earlier separation. However, as
the injected mass flow is augmented, the diffuser recovery rapidly
increases above the no-flow-control levels. While the initial in-
crease in Cp is rather steep, the slope of the pressure recovery
curve strongly decreases as the maximum value of Cp=0.77 is
approached. Therefore, a question arises on the definition of the
Cp level at which we can consider the flow to be fully reattached.

In Fig. 8 the centerline hump pressure distributions are plotted
as flow control is progressively increased, and it is possible to
notice that the separation is not completely suppressed until Cp
~(.75. This information will be of paramount importance when
the benefits of unsteady flow control are quantified in the follow-
ing sections.

6 Fluidic Actuators for Pulsing

Fluidic oscillators have been employed for the past 4 decades,
and a review of the most common configurations can be found in
Campagnuolo and Lee [16]. A feedback oscillator constitutes the
core of the no-moving-part actuator that has been conceived for
this study. The working mechanism of such oscillators is shown in
Fig. 9. This device consists of a high-gain bistable fluid amplifier
in which part of each output signal is fed back and applied as a
negative signal at the amplifier’s control port to switch the jet. The
frequency of the feedback oscillator is determined by the transport
time of the stream in the feedback path and by the filing time of
the feedback capacitance and is therefore governed by volume and
length. The oscillatory mode is excited only at pressure ratios for
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U
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& C,=0.68, C,=3 %
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Fig. 8 Centerline pressure for 1.905 mm discrete injection at

different recovery levels as per Fig. 6. Flow control insert is
located between 0.5=s/c=0.62.
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Fig. 9 Feedback fluidic oscillator: switching mechanism. Pg
indicates the supply plenum pressure.

which the jet occupies the full downstream channel width. Feed-
back oscillators can be made insensitive to temperature, pressure,
or both [16].

Unsteady blowing has been implemented upon the baseline
configuration summarized in Table 1, where flow control jets are
yawed at #=45 deg. In this way, a direct comparison with the
most efficient steady blowing is made possible. Feedback oscilla-
tors are applied such that the output channels connect directly to
two adjacent jet holes in the flow control insert, and the hydraulic
diameter of the oscillator outputs is matched to the diameter of the
yawed holes. In this way, the unsteady flow control insert is con-
stituted by a row of holes, where pairs of adjacent holes are pulsed
in opposition of phase with each other, at a frequency (f) that is
set by the oscillators. The phase difference between hole pairs is
not controlled.

Nishri and Wygnanski [17] and McManus et al. [18], together
with numerous other authors employing electromechanic actuators
such as solenoid and siren valves [9], found that the most effective
forcing frequency for flow control F*=fL/Ugg lies between 0.4
=F*=1 where the actuation period scales with the advection
time of the separated shear layer vortices. However, Glezer et al.
[19] suggested that at these frequencies the coupling between un-
steady actuation and wake vortex shedding might trigger large-
scale global instabilities resulting in unsteady aerodynamic forces,
which would be highly undesirable for obvious reasons. There-
fore, they proposed a radically different approach that emphasizes
fluidic modification of the apparent aerodynamic shape of the sur-
face upstream of the separation point with the objective of altering
the streamwise adverse pressure gradient in order to suppress
separation. For this purpose, surface-mounted high-frequency pi-
ezoelectric actuators (i.e., synthetic jets) are employed at frequen-
cies that are at least one order of magnitude higher than the vortex
shedding frequency in the separated boundary layer, decoupling
unsteady actuation from global instabilities of the base flow.

In order to provide insight into these two different regimes of
flow control, two unsteady blowing inserts (A) and (B) have been
designed for our experiments. The fluid amplifier is identical in
both devices, but the feedback path geometry differs, thus chang-
ing the frequency characteristic between the two inserts. Insert (A)
has been designed to operate at a constant frequency F*=0.7, and
insert (B) has been designed to operate at a pressure-controlled
frequency in the range of 3=F*=6. Examples of the unsteady
velocity waveforms measured with a hotwire anemometer at the
output of the oscillators are given in Figs. 10 and 11, together with
the frequency response curve as a function of the driving pressure.
The hotwire probe was placed one nozzle diameter downstream of
the exit surface. The modulation is very strong, with the rms ve-
locity component ranging from 35% to 60% of the average value
of the outlet velocity.

It is somewhat difficult to quantify the “pressure drop” and the
“efficiency” of a fluidic oscillator since it is an unsteady device
and it requires pressure ratio significantly greater than 1 to operate
in the bistable mode. An ideal oscillator would have a maximum
velocity equal to the ideal frictionless velocity, a minimum veloc-
ity equal to zero (complete shutoff), and a rms velocity component

of 1/y2 of the average value. In practice, oscillators can never
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Fig. 10 Feedback fluidic oscillator in insert A, F*=0.7. (a) Ve-
locity waveform. (b) Frequency response as a function of sup-
ply pressure.

attain complete shutoff because of the inherent leakage that is
present in any fluidic bistable switch [20]. Figure 12 gives an
indication of the efficiency of the oscillators employed in this
work by plotting the velocity of an ideal frictionless nozzle, the
maximum velocity, and the minimum velocity from the oscillator
outlets. It can be noticed that the devices have a relatively small
minimum velocity, and the maximum velocities often exceed 80%
of the ideal values.
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Fig. 11 Feedback fluidic oscillator in insert B, 3=F*=<6. (a)
Velocity waveform. (b) Frequency response as a function of
supply pressure.
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7 Unsteady Injection Characterization

The diffuser pressure recovery coefficients (Cp) resulting from
steady blowing and unsteady blowing are plotted in Fig. 13 as a
function of injected momentum for the diffuser configuration at
a=0 deg. The geometry of the optimal injection configuration is
summarized in Table 1, and the frequency characteristics of the
two unsteady injection manifolds are illustrated in Figs. 10(b) and
11(b), respectively. The resulting nondimensional frequency (F*)
is indicated in the plot. Note that for the unsteady flow control the
momentum coefficient is computed as in Eq. (5), where the oscil-
latory injected flow control momentum is averaged. This is the
most widely used definition of oscillatory momentum coefficient
and allows for a meaningful comparison with the steady injection
coefficient computed in Eq. (3),

CI-L — #

(EPUFS Cw)baseline
Unsteady injection achieves the same full recovery levels as
steady blowing but requires less than half the injected momentum.
It is found that insert (A) performs significantly better than insert
(B), suggesting that for these experiments the most efficient re-
gime is where the unsteady forcing period scales with the advec-
tion time of the shear layer vortices. The inability of repeating the
results of the synthetic jet experiments of Glezer et al. [19] for
F*>1 might be due to the fundamental operational difference
between fluidic oscillators and piezoelectric synthetic jets. While
synthetic jets are zero net mass flow devices and operate in both
suction and blowing modes, fluidic actuators produce a velocity
waveform that is similar to the one produced by more classic
forms of actuation such as solenoid and siren valves. Therefore, it
is plausible that the most effective forcing frequency for fluidic
oscillators lies between 0.4=<F*=1.

In this experiment, the coupling between unsteady actuation at
F*=0.7 and the boundary layer does not trigger global large-scale
instabilities in the flow. No unsteadiness in the reattached flow has
been observed in the pressure measurements, and PIV velocity
measurements have been taken in order to capture any possible
large-scale structure in the flow field. A word of caution is neces-
sary here, as the time resolution of the PIV system that was em-
ployed in this work is not high enough to detect the paths of the
vortices separating from the diffuser hump. However, the authors
feel confident that the measurement time was large enough to
detect large-scale unsteadiness and any possible higher rms veloc-
ity component that would result from a prolonged undersampling
of higher-frequency velocity fluctuations due to small-scale coher-
ent structures.

The evolution of the average flow field and streamlines over the
hump diffuser is shown in Fig. 14. It is interesting to note that as
soon as injection is initiated, the size of separated flow area actu-
ally grows, corresponding to the drop in performance seen in Figs.
7 and 13. At this stage, the pressure recovery coefficients are

(5)

Transactions of the ASME

Downloaded 28 May 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Cp

Steady blowing 1
v Unsteﬂdy, Insert A
- = <3~ — - Unsteady, Insert B

03

10 15
0,
C,%

Fig. 13 Diffuser pressure recovery curves for steady and unsteady blowing as a func-
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apparently below the one associated with steady blowing. How-
ever, this is probably associated with the lower values of C,, for
the oscillator experiment when flow control is initiated. Further
investigations are recommended when control is initiated. Further
investigation is recommended in order to better assess the differ-
ences between steady and unsteady blowing at very low values of
the momentum coefficient C,.

As flow control is progressively implemented in the model, the
separation streamline moves aft until the flow is fully reattached.
In Fig. 14(f), it is possible to see that when the flow is fully
reattached, there is no sign of flow instability, and the flow struc-

Cp=0.48, C,=0.0%

Cp=0.38, C,=0.60%

Cp=0.55,C,=1.17%

U m/s

40 60 80

X mm

ture appears to be essentially the same as it would be had the
separation been repaired by steady blowing. In order to corrobo-
rate this observation with quantitative data, in Fig. 15 we plot a
comparison of the total rms velocity profile for steady and un-
steady blowing at the exit of the diffuser and the relative velocity
profiles extrapolated from PIV measurements. The velocity and

U, profiles are plotted for the no-flow-control scenario and at a
correspondent fully repaired flow for a Cp=0.76. Small differ-
ences between the two curves without flow control are due to the
strong unsteady and three-dimensional features of the separated

@

Cp=0.68, C,=2.32%

X mm

Fig. 14 U velocity fields and streamlines for unsteady flow control applied by insert A over the hump

diffuser
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flow field. The PIV averaged two-dimensional velocity measure-
ments necessarily do not capture the whole amplitude and fre-
quency content of the flow.

From the U velocity profile, it is interesting to see how the flow
control recovers a fully attached boundary layer. Also, flow con-
trol suppresses the high fluctuations that were present in the base
flow especially in the separated shear layer where the velocity
gradients are stronger (see also Fig. 14(a)). The unsteadiness level
seems to be very similar for steady blowing and fluidic oscillators.

8 Quantification of the Benefits of Unsteady Flow
Control

In order to quantify the benefits of unsteady blowing, in Fig. 16
we plot the relative reduction in the required momentum, mass
flow, and blowing velocity that are required to obtain a specific
pressure recovery (Cp) in the diffuser. It is interesting to see that
the fluidic oscillator’s performance increases with the recovery
level, with higher benefits for higher pressure coefficients

(Cp).When the flow is fully reattached (Cp=10.75), fluidic oscil-
lators allow for a 60% reduction in injected momentum, 30%
reduction in blowing power, and 35% reduction in blowing ratio.

9 Conclusions

Fluidic valves have been used in order to apply unsteady
boundary layer injection to the separated flow of a model diffuser,
where the hump pressure gradient represents that of the suction
surface of a highly loaded stator vane. It is well known that os-
cillatory blowing greatly reduces the injected momentum required
by steady blowing in order to repair a separated boundary layer. In
the previous 2 decades, a great deal of attention has been paid to
the quantification of the benefits of pulsing, and many authors
have demonstrated reductions up to two orders of magnitude in
injected mass flow by using unsteady injection rather than steady
injection. The vast majority of these studies, however, generate
unsteady blowing by means of mechanical or piezoelectric actua-
tors that employ moving parts, have reliability issues and limited
lifetime, and are difficult to implement in high temperature turbo-
machinery components.

The focus of the present effort is to demonstrate the viability of
fluidic actuators to perform unsteady blowing. These actuators
essentially consist of a fluidic oscillator, have no moving parts or
temperature limitations, and are therefore more attractive for
implementation on production turbomachinery. The fluidic oscil-
lators developed generate an unsteady velocity with an amplitude
of up to 60% rms of the average at frequencies (f) ranging from
350 Hz to 2500 Hz. The nondimensional blowing frequency (F*)
of the current experiment lies in the range of 0.6 <<F*<6 based
on the shedding of the large-scale vortices in the separated bound-
ary layer downstream of the diffuser hump.

In order to demonstrate the effectiveness of this unsteady injec-
tion technique, the overall pressure recovery of the diffuser (Cp)
was compared with the optimal steady injection configuration pre-
viously achieved in the same rig with the same discrete hole in-
jection geometry. Fluidic oscillators show a strong net reduction
in the penalty associated with flow control when separation is
fully repaired. These actuators are able to fully reattach the flow
and achieve maximum pressure recovery at F*=0.7 with a 60%
reduction of injection momentum required and a 30% reduction in
blowing power over the optimal steady injectors.

Whenever high-pressure recovery is achieved with pulsed
blowing, questions arise on the emergence of large-scale fluctua-
tions that would be disruptive in any turbomachinery application.
In this study, we performed velocity and vorticity PIV measure-
ments that show no large-scale unsteadiness in the flow, exhibiting
the same streamlines as when the boundary layer is reattached by
steady blowing.
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Nomenclature
Cp = diffuser pressure recovery coefficient
Cp, = local pressure recovery coefficient

C, = injected momentum coefficient
¢ = hump chord
d = injection hole diameter
h = height
[ = injection hole length

m;, = injection mass flow
Re, = chord based Reynolds number
b = injection hole spacing
U,Ugs = x-velocity component, freestream velocity
V,, = injection jet absolute velocity
Vg = injection velocity ratio
P,,P, = pressure, total or static
f = oscillator frequency
F* = nondimensional injection frequency
L = distance between the injection location and the
diffuser trailing edge
= number of injection holes
= span
= hump arc length
spanwise coordinate
= upper diffuser wall angle
= injection hole streamwise angle
= density

ST nn I =2
Il
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Superposition Predictions of the
Reduction of Hot Streaks by
Coolant From a Film-Cooled
Guide Vane

The turbine section of a gas turbine engine is subjected to hot gases flowing from the
combustor that typically have high temperature regions known as “hot streaks.” These
hot streaks pass through the nozzle guide vanes, either impacting the vanes or passing
through the passages between vanes. Generally the vanes are highly film cooled, and the
coolant from the vanes interacts with the hot streak resulting in a reduction of the hot
streak temperature. In this study, predictions of the reduction of hot streaks were made
using superposition of measured temperature distributions due to coolant injection and
measured temperature distributions of hot streaks. These predictions were compared to
the measured hot streak reduction to determine the accuracy of the superposition tech-
nique. Results showed that the superposition predictions generally underpredicted the
reduction of the peak hot streak temperature, but were within at least 20% of the peak
temperature value. The superposition technique was also found to be useful for determin-
ing the hot streak reduction for different hot streak locations, and different coolant and
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hot streak operating conditions. [DOI: 10.1115/1.2948964]
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Introduction

Modeling of “hot streaks” downstream of the combustor in the
turbine section of a gas turbine engine has been a subject of re-
search for some time. The temperature nonuniformities, or hot
streaks, in the flow field are due to the discrete number of circum-
ferentially positioned combustors upstream of the first stage
nozzle guide vanes. A majority of the modeling efforts have been
computational fluid dynamics (CFD) simulations of the hot streak
impinging on a first stage nozzle guide vane or passing between
vanes. However, the estimation of the hot streak temperatures
downstream of the first stage nozzle guide vanes involves consid-
eration of cooling flows from those guide vanes.

The first investigations of hot streaks combined with vane cool-
ant flows were by Roback and Dring [1,2]. In their first paper [1],
Roback and Dring made separate measurements of a simulated
hot streak and a coolant flow from the trailing edge of a stator.
They used CO, as a trace gas to track the progress of a hot streak
introduced through a pipe in the middle of the vane passage and to
track the trailing edge coolant. In a companion paper [2], they
made measurements of the combined hot streak and coolant flow,
and evaluated whether the combined effects were predictable from
the additive effects of the separate measurements of the hot streak
and coolant, i.e., superposition. However, in their study the hot
streak was positioned to pass through the middle of the passage
between two stators, so the interaction between the hot streak and
coolant would be expected to be small, if any. Furthermore, the
description of their facility suggests that turbulence levels were
very low, while for actual engine conditions the turbulence levels
are very large. Finally, results from the study are difficult to inter-
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pret because of their focus on the effects on the surface of the
downstream rotor airfoils rather than the flow and thermal field
approaching the rotor.

A recent study from our laboratory [3] showed that coolant
from a fully film-cooled vane can cause a significant reduction of
a hot streak impacting the vane. A more detailed study of the film
cooling effects on hot streak reduction is presented in the com-
panion paper [4]. This study shows the effects of varying coolant
blowing ratio and density ratio on the reduction of the hot streak.
In the current paper, measurements of the separate hot streak and
coolant temperature profiles are used along with the measure-
ments of the combined hot streak and coolant profiles to evaluate
the predictive capability of superposition of the independent hot
streak and coolant profiles. We then develop models capable of
predicting a variety of hot streak and coolant conditions and their
interactions. Finally, these models are used to predict the maxi-
mum reduction of the hot streak and the expected reduction of
higher temperature hot streaks.

Facilities and Experimental Conditions

The test facility used to make the experimental measurements
was a closed-loop, low-speed wind tunnel, driven by a 50 hp vari-
able pitch, variable speed fan. The test section, shown in Fig. 1,
was a simulated three vane, two passage cascade with adjustable
bleed and adjustable walls to maintain the proper flow around the
test airfoil. A full description of the facility is given in Polanka
[5].

The test airfoil was a scaled up model of a first stage turbine
guide vane, with the Reynolds number matched to actual engine
operating conditions. The vane had a true chord length of
C=594 mm and a span of S=550 mm, and the pitch between
airfoils was P=460 mm. The mainstream approach velocity was
Uy=5.8 m/s for all experiments, resulting in a Reynolds number
of Re=1.2X 10° based on chord length and exit velocity. The test
vane was constructed of polyurethane foam selected for strength
and low thermal conductivity, with a value of
k=0.048 W/(m K). For all coolant regions, the coolant hole di-
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Fig. 1 Simulated vane cascade with hot streak generator

ameter was d=4.11 mm and the pitch in the vertical, or spanwise,
direction between coolant hole centerlines was 5.55d.

Three separate regions of coolant holes were used in the present
study (shown in Fig. 2). The showerhead region had six rows of
coolant holes with a row spacing of 3.33d. These holes were ori-
ented laterally, i.e., 90 deg to the streamwise direction, and had an
injection angle of 25 deg relative to the surface. The pressure side
film cooling holes consisted of two rows of coolant holes. These
rows were located at s/d=-25 and s/d=-45, where s/d=0 is
located at the stagnation line at the leading edge of the airfoil. The
pressure side coolant holes had an injection angle of ¢=30 deg
and a streamwise angle of #=45 deg. The three rows of suction
side holes are also shown in this figure. Their locations with re-
spect to the stagnation line were s/d=30, s/d=53, and s/d=284.
The injection angles were ¢=50 deg, 45 deg, and 35 deg, respec-
tively and the streamwise angles were 6=0 deg, 45 deg, and
45 deg, respectively. The nominal mainstream temperature was
T.=300 K and the coolant consisted of cryogenically cooled air
supplied at T-=187.5 K, resulting in a density ratio of DR=1.6
for a majority of the results. Each coolant region had a separate
pressure plenum providing coolant supply, as shown in Fig. 2. A
full description of the film cooling supply and of the construction
of the film cooling holes is given in Cutbirth and Bogard [6].

The hot streak generator section was installed upstream of the
test section, as shown in Fig. 1. The exit of the hot streak genera-

tor was located 1.7C upstream of the vane leading edge and was
designed to provide a nominal temperature ratio of
Ty s/ T»=1.1 under both low and high turbulence conditions at a
location 0.21C upstream of the vane, noted as Position A in Fig. 1.
Given the nominal mainstream temperature of 7,=300 K, the
nominal peak hot streak temperature was T »ys=330 K. The hot
streak generator was designed to be continuously adjustable
across the pitch of the vane cascade. The construction and adjust-
ment of the hot streak generator section is fully described in Jen-
kins et al. [3].

Turbulence intensity and integral length scales were established
using hot-wire anemometer measurements at Position A. For the
low turbulence condition, the turbulence intensity was Tu=3.5%
and the integral length scale was large, A;=19-30 mm. High
mainstream turbulence was generated using an array of 38 mm
diameter vertical rods, spaced 85 mm apart, and located 0.88C
upstream of the stagnation line, as shown in Fig. 1. The turbulence
generator produced a turbulence intensity of Tu=20% with an
integral length scale of A;=33 mm at Position A. Additional de-
tails regarding the turbulence field and turbulence generator are
available in Cutbirth [7].

Measured hot streak and coolant temperature profiles were ac-
quired using a thermocouple rake consisting of 22 K-type thermo-
couples spaced 7.8 mm apart. Measurements were taken normal
to the flow direction, as shown in Fig. 1, in measurement planes at
Positions A, T, and B. Temperature readings from the thermo-
couple rake and thermocouples placed in the mainstream were
acquired using a National Instruments multiplexer, an analog/
digital (A/D) module, and the LABVIEW software and were time
averaged over a 6 s time span.

A normalized temperature ratio, @5, was used to define the
“strength” of the hot streak. The normalized temperature ratio,
Op, was defined based on the peak hot streak temperature, T ys,
measured at the standard reference position (Position A) upstream
of the vane leading edge. Since the local temperature is scaled by
the peak value upstream, @, may be thought of as the hot streak
reduction, or as a percentage of the original hot streak. It is shown
in the following equation:

Op= i~ 1= (1)
Tons—Tw

where @ is computed at a point (ij) based on the temperature at
that point, T;;, and the mainstream temperature at the measure-
ment plane, 7.

Pressure Side Holes

At x/d = -25 and x/d = -45
Streamwise angle: & = 45°

Flow
Direction

Stagnation Point
XD=0 \

Showerhead Holes
Streamwise angle: 6= 90°
Injection angle: ¢=25°

6= 30°

M Film Cooling Holes
EF Coolant Inlet

Suction Side Holes
Atx/d =30, x/d = 53, and x/d = 84
Streamwise angles: @ = 0°, 45°, and 45°

$=50°

Fig. 2 Schematic of film cooling hole configuration
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To eliminate bias uncertainty of the measurements for the ther-
mocouple rake, the equipment was tested against a known stan-
dard, i.e., an ice bath, and repeatable bias errors were computed.
The bias errors between thermocouples were eliminated by adjust-
ing the raw data according to the bias error previously determined.
In this way, biases between thermocouples and thermocouple
channels were removed, leaving only random or precision error.
Based on a statistical analysis of the temperature measurements,
the precision uncertainty (95% confidence interval) of the time
averaged temperature values ranged from *0.1 K at the main-
stream temperature to =0.4 K at the peak hot streak temperature.
This error was a random error resulting from the data acquisition
system. Based on the temperature uncertainties, the uncertainty in
the temperature ratio, 7/7..,, was calculated to be £0.001 and the
uncertainty in the normalized temperature ratio, @, was calcu-
lated to be +0.02.

Derivation of the Superposition Equation

An energy balance at a point in the flow shows that the energy
contained at that point is a function of the mass flow rate, specific
heat, and temperature difference with respect to a reference tem-
perature, in this case the mainstream temperature. This may be
expressed as a superposition of energy levels at that point for the
coolant profile and hot streak profile separately, shown in

(pUdA)Cp(Tij -T.)sp= (pUdA)Cp(Tij -T.)c
+ (pUdA)Cp(Tij - T )ns (2)

where the subscript SP refers to the superposition result, and the
subscripts C and HS refer to measurements of the coolant and hot
streak temperatures, respectively. The specific heat varied only
slightly for the full range of temperatures during the experiments,
so this may be considered as constant. At a point in the flow, the
velocity field is relatively unaffected by the presence of the hot
streak, as shown by Dorney [8], and previous measurements in the
facility showed that coolant flows had a negligible effect on the
velocity field downstream of the vane. Thus the velocity was con-
sidered invariant for a given position. At the measurement plane
(i.e., Position T or B), for the range of temperatures observed, the
density varied by no more than about 5%, so it too may be con-
sidered nearly constant. Therefore, this equation may be written as
the superposition of fluid temperature differences from the main-
stream as

(Tr=To)sp=(Ty=T)c + (Ty= Too)us (3)

Dividing both sides by the peak hot streak—to—mainstream tem-
perature difference results in

(Tf_ Tco)SP _ (Tf_ TOO)C + (Tf_ Toc)HS

(Tous=Tee)  (Tous—Tee)  (Tous—Tw)

which can be quickly related to the normalized temperature ratio,
O, using its definition from Eq. (1) to obtain the superposition
equation

(4)

Orsp=Or coxpt Orusexp (5)

where the subscripts C and HS refer to coolant only and hot streak
only experimental results and the subscript SP refers to the super-
position result. This equation is used to predict hot streak reduc-
tion due to coolant flow under various conditions.

Results

The goal of superposition analysis is to predict the effect of
coolant on the hot streak by adding coolant profiles to hot streak
profiles. First, the capability of superposition was evaluated by
comparing these predictions with measured data. Following this
validation, the method was used to estimate the effect of coolant
on the hot streak for different hot streak pitch positions and deter-
mine the ideal hot streak pitch position based on these predictions.
A numerical simulation by Dorney [8] showed that increasing the
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hot streak temperature ratio from 7/7,=1.5 to 2.0 had very little
effect on the predicted kinematics of the hot streak. Thus, scaling
of the hot streak temperature profiles by a different peak hot streak
temperature ratio was also possible. The results shown in a con-
current paper [4] indicated that coolant profiles could be scaled by
the coolant hole exit to mainstream temperature difference, so
coolant profiles with different density ratios could be estimated as
well. Superposition of these coolant profiles with the scaled hot
streak profiles made it possible to predict the reduction of hot
streaks for other combinations of hot streak temperature ratios and
coolant density ratios not attainable in the present facility.

Validation of Superposition Predictions. The following
evaluation of superposition in predicting hot streak and coolant
interaction is presented for a range of conditions. These include
results for individual blowing regions, different blowing ratios,
density ratios at DR=1.2 and 1.6, and low and high mainstream
turbulence levels (Tu=3.5% and 20%). While the majority of re-
sults are shown for midspan profiles, where the hot streak was the
strongest, full field comparisons are also shown for selected cases.

The following comparisons are made under conditions of high
mainstream turbulence (Tu=20%). A comparison of the measured
and predicted midspan profiles of the hot streak is presented in

Fig. 3 for the case of showerhead coolant injection at M*=1.6 and
a density ratio of DR=1.6 at Position T, i.e., at the trailing edge of
the vane, as shown in Fig. 1. Also shown in Fig. 3 are the mea-
sured profiles for the hot streak alone and the showerhead coolant
alone. These data were used to compute the superposition profile
using Eq. (5). The superposition prediction matched the overall
shape of the experimental profile fairly well but underpredicted
the reduction in the peak @ value, showing a hot streak reduction
of 21% (dotted line) compared with the measured 33% peak hot
streak reduction (solid line). At blowing ratios of M*=1.4 and 2.0,
not shown in the figure, superposition also underpredicted the
benefit of showerhead coolant by similar amounts. Error bars are
shown for this figure to indicate the levels of uncertainty for the
measured values.

For suction side film cooling, with a blowing ratio of
M,,=0.7, shown in Fig. 4, superposition predicted the near wall
dip in hot streak temperature well and did a reasonable job of
capturing the shape of the rise in hot streak temperature farther
away but also underpredicted the benefit of coolant in reducing
the hot streak on the suction side. The superposition model does
not account for the influence of strong temperature gradients or
changes in the flow field due to coolant/hot streak interaction,
which resulted in stronger deviations in the predicted results in

—e—Hot Streak, no Coolant, Hi Tu
—a— Coolant Profile, M* = 1.6
—o— Experiment, M* = 1.6

— — Superposition, M* = 1.6

0.50 + Hot Streak Only

0.40 -

Hot Streak + Coolant,

0.30 Superposition

0.20 ~
Or

0.10

Hot Streak with
Coolant, Experiment .

h-‘A/J/JITZZZI‘;:Only

-0.20 t t t t t t t
-020 -0.15 -010 -0.05 0.00 0.05 010 0.15 020 025
Pressure Side yIP Suction Side

0.00

-0.10

Fig. 3 Comparison of experimental and superposition normal-
ized temperature ratio (®@p) profiles at Position T at midspan
(z/ $=0.50) for the hot streak at the stagnation line with show-
erhead blowing at M+*=1.6 and high mainstream turbulence
(T,=20%)
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Fig. 4 Comparison of experimental and superposition normal-
ized temperature ratio (®@p) profiles at Position T at midspan
(z/ $=0.50) for the hot streak at the stagnation line with suction
side blowing at M,,=0.7 and high mainstream turbulence (Tu
=20%)

some locations. One such example is pointed out in Fig. 4.

The superposition prediction with full coverage film cooling
with blowing ratios of M*=1.6 from the showerhead, M,,=0.7
from the suction side, and M,,=0.6 from the pressure side is
shown in Fig. 5(a). Again superposition predicts the general shape
of the temperature profile but underpredicts the decrease in hot

050 1 —e— Hot Streak, no Coolant, Hi Tu
. —o— Experiment,Std BR
— — -Superposition, Std BR

0.40 +
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OrR 4501

0.10 +
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-020 -0.15 -0.10 -0.05 000 005 010 015 020 0.25
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Fig. 5 Comparison of experimental and superposition predic-
tion normalized temperature ratio (®p) profiles at Position T at
midspan (z/S=0.50), for the hot streak at the stagnation line
with full coverage blowing and high mainstream turbulence
(Tu=20%) at (a) standard blowing ratios (II/I*showerhea 4=1.6,
My, suction=0.7, and M, pressure=0.6) and (b) high blowing ratios
(IW* =2.0, Mav,suction=1-0! and Mavg,pressure=1-o)

showerhead
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Fig. 6 Normalized temperature ratio (®5) contours at Position
T with the hot streak at the stagnation line and high main-
stream turbulence (Tu=20%) with (a) no coolant, (b) superpo-
sition prediction of full coverage blowing at II/I"‘showerhea d=2.0,
My, suction=1.0, and M, pressure=1.0, and (c) measured values for
full coverage blowing at M* =2.0, M, syction=1.0, and

Mav,pressure =1.0

showerhead

streak peak temperature caused by coolant injection. While the
measured hot streak reduction was over 40% compared with no
film cooling, superposition predicted that it would be a little less
than 30%. At higher full coverage blowing ratios

*showerheadzz'o’ Mav,suclionzl'o’ and Mav,pressurezl'o) in Flg
5(b), overall agreement was also good. Here the measured hot
streak reduction was just over 50% while superposition predicted
that it would be about 35%.

The superposition prediction of the temperature distribution
across the two-dimensional y-z plane at the trailing edge of the
vane is shown in Fig. 6(b) along with the measured temperature
distribution (Fig. 6(c)). The two-dimensional hot streak contours
with no film cooling are shown as a reference (Fig. 6(a)). Full
coverage coolant injection was used in this case with M*=2.0
from the showerhead, M,,=1.0 from the suction side, and
M,,=1.0 from the pressure side. The most important observation
when comparing the measured and predicted temperature profiles
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Fig. 7 Comparison of measured coolant temperature (®g) pro-
files at Position T at midspan (z/ S=0.50) for full coverage film
cooling at high blowing ratios (II/I*shower nead= 20> May suction=1.0,
and M, pressure=1.0) and superposition of individual region
coolant temperature (®p) profiles at the same blowing ratios
and high mainstream turbulence (Tu=20%)

is that the superposition prediction gives a good representation of
the complete temperature distribution. A closer inspection of the
temperature contours reveals that the measured temperature con-
tours are more widely dispersed than the predicted temperature
contours, while the peak values of @y are slightly higher for the
prediction.

It was also possible to estimate the full coverage coolant profile
by superposition of individual region coolant profiles. As shown
in Fig. 7, superposition predicted a coolant profile peak at Position
T that was more than 20% colder than the measured profile.

Comparisons were also made under conditions of high main-
stream turbulence with coolant at low density ratio (DR=1.2).
Here, superposition predicted higher values over the width of the
hot streak with full coverage blowing (Fig. 8). The peak of the hot
streak was predicted to be ®=0.43, while the measured peak was
0z=0.40 (from ®z=0.51 for no film cooling). Therefore, the
measured reduction of the peak (A®=-0.11) was about 30%
greater than predicted (A®z=-0.08).

At low mainstream turbulence levels (Tu=3.5%), hot streak
reduction was also possible to predict, as shown in Fig. 9. This
comparison was also made with full coverage film cooling and

—e— Hot Streak, no Coolant, Hi Tu

0.50 & —o— Experiment, High BR, DR = 1.2
— — -Superposition, High BR, DR = 1.2

0.40 +
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0.00 v t t + t t t

-020 -015 -010 -0.05 000 005 010 015 020 0.25
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Fig. 8 Comparison of experimental and superposition normal-
ized temperature ratio (@p) profiles at Position T at midspan

(z/ $=0.50) for the hot streak at the stagnation line with full
coverage blowing at high blowing ratios (M*_ . =2.0,
My suction=1.0, and M, ressure=1.0) at a density ratio of DR

=1.2 and high mainstream turbulence (Tu=20%)
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Fig. 9 Comparison of experimental and superposition normal-
ized temperature ratio (®@p) profiles at Position T at midspan
(z/ S=0.50) for the hot streak at the stagnation line with full
coverage blowing at M*_ = =2.0, M,y syction=1.0, and
My pressure=1.0, low mainstream turbulence (Tu=3.5%)

may be compared with Fig. 5(b) at high turbulence. The general
shape of the profile was predicted well, but the prediction of the
reduction of the peak was not as good as under conditions of high
mainstream turbulence, as superposition predicted only about half
of the total reduction measured. However, this result shows that
superposition works over a wide range of turbulence levels, so the
prediction of profiles at other turbulence levels should also be
possible.

Predictions made further downstream of the vane at Position B
(0.34C downstream of the trailing edge) were fairly similar to
those at Position T. Figure 10 shows the results of these predic-
tions at high mainstream turbulence (Tu=20%) for showerhead

cooling only at a blowing ratio of M*=2.0. The shape of the
profile was predicted well, but the reduction in the hot streak peak
was underpredicted.

For suction side cooling at M,,=1.0, superposition predicted
more dispersion of the temperature gradient at 0.0P, while the
experimental profile showed a steeper gradient (Fig. 11). This re-
sulted in a lower predicted peak, but higher values to the suction
side of 0.0P.

For full coverage film cooling at Position B, superposition pre-
dictions gave better estimates of the reduction in peak strength of
the hot streak compared to the trailing edge. As shown in Fig. 12,

0.50 +—
—=— No coolant, Position B
—A— Experiment, M* = 2.0

0.40 + — — -Superposition, M* = 2.0

0.30 +

Og 020+
0.10 +
0.00
L
-0.10 + + t + + + +
-020 -0.15 -0.10 -0.05 0.00 0.05 0.10 0.15 0.20 0.25
Pressure Side ylP Suction Side

Fig. 10 Comparison of experimental and superposition nor-
malized temperature ratio (@) profiles at Position B at mid-
span (z/S$=0.50) for the hot streak at the stagnation line with
showerhead blowing at M+=2.0 and high mainstream turbu-
lence (Tu=20%)
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Fig. 11 Comparison of experimental and superposition nor-

malized temperature ratio (®p) profiles at Position B at mid-
span (z/S=0.50) for the hot streak at the stagnation line with
suction side blowing at M,,=1.0 and high mainstream turbu-
lence (Tu=20%)

the prediction of the hot streak peak was fairly accurate. Super-
position predicted a reduction of about 45% compared to 55%
measured. The improved predictions at Position B relative to pre-
dictions at the trailing edge may be due to the dispersion that
occurs between the trailing edge and Position B.

The superposition prediction of the temperature distribution
across the two-dimensional plane at position B is shown in Fig.
13(b) for full coverage blowing with the measured temperature
distributions in Fig. 13(c). The hot streak contours at Position B
without coolant injection are provided as a reference (Fig. 13(a)).
Coolant injection in this case was M*=2.0 from the showerhead,
M,,=1.0 from the suction side, and M,,=1.0 from the pressure
side. Again the superposition prediction gives a good representa-
tion of the complete temperature distribution although the disper-
sion of the temperature contours is slightly less than the measured
temperature contours. The predicted peak value for the hot streak
was very similar to the measured peak value.

Prediction of Coolant From Adjacent Vanes. Although the
facility contained only one film-cooled test vane, superposition
allows the effect of coolant from adjacent vanes to be predicted.
The computed coolant profile for Position T under conditions of
high mainstream turbulence is shown in Fig. 14 for high blowing

0.50
] —a— No coolant, Position B
040 1 —A— Experiment, High BR
A — — -Superposition, High BR
0.30 +
®r 020 1

0.10 -

0.00
-0.10 “t t + + } } }

-020 -0.15 -0.10 -0.05 0.00 0.05 0.10 0.15 0.20 0.25
Pressure Side ylP Suction Side

Fig. 12 Comparison of experimental and superposition nor-
malized temperature ratio (®@p) profiles in the wake at Position
B at midspan (z/S=0.50) for the hot streak at the stagnation
line with full coverage blowing at M* cad=2-05 May suction
=1.0, and M,y yressure=1.0 and high mainstream turbulence (Tu
=20%)
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Fig. 13 Normalized temperature ratio (®z) contours in the
wake at Position B with the hot streak at the stagnation line and
high mainstream turbulence (Tu=20%) with (a) no coolant, (b)
superposition prediction of full coverage blowing at

showerhead=2'0’ Mav,suction=1-os and Mav,pressure=1-0, and (¢
measured values for full coverage blowing at Mf* =2.0,

showerhead

Mav,suction= 1.0, and Mav,pressure= 1.0

ratios. The figure indicates the overlapping coolant profiles from
vanes to the suction and pressure sides of the test vane and the
predicted combined profile.

Figure 15 shows a superposition prediction of the effect of this
coolant profile for a hot streak centered at the stagnation line. The
comparison shows that although there was some effect on the hot
streak peak, the majority of the effect was well away from the
peak toward the edges of the hot streak. This effect would clearly
be much greater for a hot streak positioned at midpassage to either
side of the vane.

At Position B, the dispersion of coolant was much greater and a
prediction of coolant from adjacent vanes resulted in a profile that
was much flatter, as shown in Fig. 16. The combined profile had a
somewhat lower negative peak due to coolant spreading well
away from the simulated adjacent vanes toward y/P=0.0, but the
primary effect was to the edges of the profile. The enhanced levels
of cooling in the simulated profile at midpassage positions indi-

Transactions of the ASME

Downloaded 28 May 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



0.0
01+
-0.2 +
Or
03+
—e— Measured
04l —&--SS Overlap
—&- -PS Overlap
— — -Combined
-0.5 ——t— — = T t———t+—+ T ™
-020 -0.15 -0.10 -0.05 0.00 0.05 0.10 0.15 0.20 0.25

Pressure Side ylP Suction Side

Fig. 14 Prediction of coolant profile including coolant from
adjacent vanes for full coverage at high blowing ratios
(M*showerhead=2'o’ May suction=1.0, and My pressure=1.0) and high
mainstream turbulence (Tu=20%)

cate that the hot streak would be greatly reduced if the hot streak
were positioned at midpassage as well as at the stagnation line.

Prediction of the Ideal Hot Streak Pitch Position With Film
Cooling. Given the verification of the predictive capabilities of
superposition, this tool was used to estimate the ideal hot streak
pitch position with film cooling. An analysis was performed using
hot streak pitch position data from a paper by the same authors [9]
along with coolant profiles under conditions of high mainstream
turbulence at the trailing edge (Position T) and farther down-
stream at Position B. A coolant profile including coolant from
adjacent vanes was used in the predictions, as shown in Fig. 14
previously. A minimum hot streak peak was identified for full
coverage film cooling at Positions T and B.

Since the coolant had the strongest effect for the individual
regions and for full coverage to the suction side (see Figs. 3-5),
superposition was expected to predict an ideal hot streak position
to the suction side of the stagnation line. This ideal hot streak
position was found to be +0.043 P. With full coverage film cooling
at high blowing ratios, superposition predicted an additional re-
duction of the hot streak peak to the pressure side of a little more
than 20% compared with the hot streak at the stagnation line. A
comparison between the reduction in hot streak strength for the

—e— Hot Streak
057 — — Superposition without Overlap
04 + - - Superposition with Overlap
03+
02 1
0.1+
Or
0.0
-0.1 1
-0.2 +
-03 1
04 . " . " ' . |
-020 -015 -0.10 -0.05 0.00 0.05 0.10 0.15 0.20 0.25
Pressure Side yIP Suction Side

Fig. 15 Comparison of experimental and superposition nor-
malized temperature ratio (@g) profiles at Position T at mid-
span (z/S=0.50) for the hot streak at the stagnation line with
full coverage blowing at (M* owerhead =205 May suction=1.0, and
My pressure=1-0), high mamstream turbulence (Tu=20%) includ-
ing a prediction for the reduction with coolant from adjacent
vanes
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Fig. 16 Prediction of coolant profile including coolant from

adjacent vanes for full coverage at high blowing ratios
mr =2.0, M,y suction=1.0, and M, essure=1.0) at Position

showerhead R
B and high mainstream turbulence (Tu=20%)

hot streak positioned at 0.0P and +0.043P is shown in Fig. 17.
Both hot streak curves without coolant are shown as a reference,
while predicted values indicate that coolant interaction would re-
sult in a lower peak value for the hot streak position at +0.043P.
As shown in the figure, this is due to a change in the shape of the
resulting profile with full coverage film cooling.

An analysis was performed to determine how sensitive the hot
streak reduction was to the hot streak pitch position. The predicted
ideal hot streak pitch position is clearly shown in Fig. 18 at
+0.043P. This figure also shows the effect of hot streak pitch
position without film cooling as presented in a previous paper by
the same authors [9] for comparison. With film cooling, there was
a distinctly lower hot streak peak at +0.043P compared to all
other hot streak pitch positions even though the total predicted
reduction due to film cooling was similar for other hot streak
locations. Moving the hot streak to the pressure side away from
the ideal position resulted in a nearly linear trend of the peak
value up to a pitch position of —0.065P with a predicted peak
nearly 60% higher at ®;=0.39. From this point farther to the
pressure side, the increase in predicted peak was less steep due to
the interaction of the hot streak with simulated coolant from ad-
jacent vanes. Moving the hot streak to the suction side resulted in
an increase in hot streak temperature as well, but not as great as to
the pressure side. To the suction side, the prediction of the hot
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Arrows indicate movement — — 0.0P, High BR
0.50 + of the hot streak from 0.0P DU
to 0.043P —4+—0.043P, No Coolant
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/ /7 3\
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Fig. 17 Comparison of normalized temperature ratio (®5) pro-
files at Position T for pitch positions of 0.0P (base line) and
+0.043P (ideal) without coolant (measured) and with full cover-
age bIOWing at =2.0, Mav,suction=1-0s and Mav,pressure
=1.0 (predicted)

showerhead
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Fig. 18 Peak hot streak temperature ratio (@) predictions
versus hot streak pitch position at Position T for full coverage
film cooling at M* = = =2.0, My suction=1-0, and My pressure
=1.0, including adjacent vane overlap predictions

streak peak with simulated coolant from adjacent vanes resulted in
peak values decreasing with the movement of the hot streak to-
ward midpassage. Focusing in on a range between 0.00P and
+0.10P, which surrounds the ideal predicted pitch position, the
predictions suggested that the hot streak peak temperature would
rise about 20% up to about ®=0.29 on either side of the range,
compared with ©@,=0.25 at +0.043P.

At Position B downstream of the trailing edge, the ideal pitch
position was slightly different, at +0.022P, as shown in Fig. 19.
This prediction also utilized a predicted coolant profile including
coolant from adjacent vanes. Due to the extensive spreading of
coolant by Position B, the peak hot streak value was reduced by
about the same amount for the full range of hot streak pitch posi-
tions. Compared with Position T, superposition predicted a small
improvement in additional reduction for the ideal pitch position at
Position B compared with y=0.0P.

Predictions of Aeroengine Scaled Hot Streak Reduction. In a
concurrent paper by the same authors [4], coolant temperature
profiles with variations in the coolant density ratio were shown to
scale well using the normalized coolant temperature, ®,. This,
along with superposition, allowed for predictions under conditions
of high mainstream turbulence (Tu=20%) of combinations of
coolant density ratio and hot streak temperature ratio unattainable
in the current facility. It was also noted that aerospecific engines
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Fig. 19 Peak hot streak temperature ratio (®z) predictions vs
hot streak pitch position at Position B for full coverage film

cooling at If* =2.0, M,y suction=1.0, and M,y pressure=1.0

showerhead
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Fig. 20 Comparison of normalized temperature ratio (®5) pro-
files at Position T at midspan (z/ S=0.50) for the hot streak at a
simulated temperature ratio of T/T_=1.5 at the stagnation line
without cooling and with full coverage blowing at a simulated
coolant density ratio of DR=2.0 at M*_ = =2.0, M,y uction
=1.0, and M,, pressure=1.0 and high mainstream turbulence (Tu
=20%)

may have hot streak temperature ratios as high as 7/7T,.=1.5.

An appropriate hot streak profile at the trailing edge was calcu-
lated by scaling measured values at T ys/T=1.09 to a tempera-
ture ratio of 7 ,/T,=1.5. As such, the shape of the hot streak at
the trailing edge was assumed to be invariant with upstream tem-
perature ratio. This assumption is substantiated by looking at nu-
merical simulations by Dorney et al. [8] who investigated the
effect of the hot streak temperature ratio for a range of
T/T,=1.5-2.5. Increasing the temperature ratio from 7/7,=1.5
to 2.0 was found to have very little effect on the predicted kine-
matics of the hot streak, so it is unlikely that the hot streak shape
would be significantly different between hot streak temperature
ratios of 7/7T,=1.09 and 1.5.

For an aeroengine, density ratios tend to be somewhat higher as
well. Using experimental coolant profile data in terms of the nor-
malized coolant temperature, @, a profile in terms of @y with a
density ratio of DR=2.0 was computed. Superposition of these
results with the predicted hot streak profile estimated the probable
effect of full coverage film cooling at high blowing ratios for
aeroengine specific conditions of T ,/T,=1.5 and a density ratio
of DR=2.0. In Fig. 20, it is clear that the hot streak would be
reduced much less for aerospecific engine conditions than ground-
based engine conditions. These predictions suggest that the hot
streak peak would be reduced by about 10% compared with no
film cooling. For an estimated peak turbine inlet temperature of
1900 K [10], this translates into nearly a 40°C drop in peak fluid
temperature. Since the fluid temperature field has a strong influ-
ence on the surface temperatures of the downstream components,
and the life of a component has been shown to double with a
surface temperature decrease of only 50°C, this fluid temperature
reduction is significant. The fluid temperature reduction predicted
is much less than the nearly 40% reduction with ground-based
engine representative conditions but indicates that film cooling
could still assist in hot streak reduction for aeroapplications.

Conclusions

Superposition of coolant profiles and hot streak profiles was
compared with measured data to evaluate the capability of addi-
tive superposition in predicting hot streak reduction due to film
cooling. This method was used to predict other combinations of
hot streak temperatures and coolant density ratios not attainable in
the current facility.

This method proved to be fairly capable of predicting film-
cooled hot streak profiles. Errors in predicting the peak of the
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cooled hot streak were generally below 20%, with some much
lower. The predictive capacity of the superposition method was
also used to determine the ideal pitch position of the hot streak
relative to the stagnation line of the vane. This predicted position
was just to the suction side with full coverage film cooling, with a
predicted additional reduction in the hot streak peak temperature
of about 20%. The same ideal hot streak pitch position was pre-
dicted at Position B for full coverage film cooling, and additional
reductions due to the pitch position were predicted to be on the
order of about 10%. However, the nature of errors in using super-
position at Position B shown earlier makes it unclear how much
improvement would be realized. Superposition was also used to
predict the effect of film cooling for aerospecific engine condi-
tions. These predictions indicated that film cooling would reduce
the hot streak by about 10% compared with no film cooling. As
such, the coolant would be less effective at reducing the hot streak
under these conditions, but could reduce the peak fluid tempera-
tures by as much as 40°C, possibly increasing the life of some
components.
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Nomenclature
C = vane chord length, 594 mm
d = film cooling hole diameter, 4.11 mm
R = density ratio of coolant to mainstream, p./ p..
k = thermal conductivity
M = blowing ratio for the suction and pressure
sides, where U., is the local freestream veloc-
ity at the hole location, p.U./p.Us
M* = blowing ratio for the showerhead region,
where U is the approach velocity to the vane,
chc/ pOUO
p = film cooling hole pitch in the spanwise
direction
P = pitch between vanes, 460 mm
S = span length of vane, 550 mm
s = surface length from the leading edge stagnation
line
T;; = fluid temperature at a point in the flow
Tyus = upstream peak hot streak temperature at the
reference location, Position A
T, = mainstream temperature
Tu = turbulence intensity, .,/ U X 100%
U, = approach velocity to the vane
U, = local freestream velocity

Journal of Turbomachinery

y = flow normal coordinate originating at the trail-
ing edge (positive for the suction side of the
test vane; negative for the pressure side of the
test vane)

z = spanwise coordinate

Greek Symbol
¢ = injection angle with respect to the surface

plane
6 = streamwise injection angle
p = density

A; = turbulence integral length scale

O, = normalized coolant temperature ratio,
(Tij_TOC)/(Tw_TO,C)

®r = normalized hot streak temperature ratio,
(Tij_Toc)/(TO,HS_Tao)

Subscripts

C = coolant
HS = hot streak value

p = predicted value

R = normalized

SP = superposition result
o0 = mainstream

0 = approach condition

Superscripts
* = showerhead (blowing ratio)
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Prediction of Film Cooling and

Heat Transfer on a Rotating Blade
Platform With Stator-Rotor Purge
and Discrete Film-Hole Flows in a

1-2 Turbine Stage

Numerical simulations were performed to predict the film cooling effectiveness and heat
transfer coefficient distributions on a rotating blade platform with stator-rotor purge flow
and downstream discrete film-hole flows in a 1 -é turbine stage using a Reynolds stress
turbulence model together with a nonequilibrium wall function. Simulations were carried
out with sliding mesh for the rotor under three rotating speeds (2000 rpm, 2550 rpm, and
3000 rpm) to investigate the effects of rotation and stator-rotor interaction on the rotor
blade-platform purge flow cooling and discrete-hole film cooling and heat transfer. The
adiabatic film cooling effectiveness and heat transfer coefficients were calculated using
the adiabatic wall temperatures with and without coolant to examine the true coolant
protection excluding the effect of turbine work process. The stator-rotor interaction
strongly impacts the purge slot film cooling and heat transfer at the platform leading
portion while only slightly affects the downstream discrete-hole film cooling near the
platform trailing portion. In addition, the effect of turbine work process on the film

cooling effectiveness and the associated heat transfer coefficients have been reported.
[DOL: 10.1115/1.3068325]

1 Introduction

The inlet temperature of a modern gas turbine has continually
increased to achieve high thrust power and high thermal effi-
ciency. Most often, the film cooling needs to be applied on the
platform to protect the material from high heat load. Platform film
cooling has gained significant attention due to the usage of low-
aspect ratio and low-solidity turbine designs. Film cooling effec-
tiveness and the associated heat transfer are strongly influenced by
the stator-rotor interactions. A turbine stage consists of one row of
nozzle guide vanes (i.e., stators) and one row of rotating blades
called rotors, and transfers the gas total energy into rotating me-
chanical work. Although the film cooling slightly increases the
heat transfer coefficient, the driving temperature difference (7,
-T,,) is reduced significantly; therefore, the overall heat load de-
creases.

Han et al. [1] provided a detailed review of advanced cooling
techniques for the turbine blade. Harasgama and Burton [2,3] re-
ported heat transfer measurements on film-cooled endwalls of an
annular cascade of turbine nozzle guide vanes, and they found that
the Nusselt number gradually increases from the leading edge to
the trailing edge on the endwall. Friedrichs et al. [4] presented
adiabatic film cooling effectiveness distributions on the endwall of
a large scale low speed linear turbine cascade using the ammonia-
diazo technique. They found that the horseshoe vortex from the
pressure side moving across the passage pushes most of the cool-
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ant from the middle of the passage toward the suction surface.
Recently, Roy et al. [5] used experimental and numerical methods
to study the flow and heat transfer on the vane hub. They found
that the flow field predicted by the FLUENT computational fluid
dynamics (CFD) code is in good agreement with the experimental
data. Burd and Simon [6,7] experimentally studied the effects of
slot bleed injection on a contoured endwall of nozzle guide vane
and found that the coolant accumulates near the suction surface
for the low bleed flow rate. Radomsky and Thole [8] employed
laser Doppler velocimeter (LDV) and infrared (IR) camera to
study the effect of turbulence intensity on the endwall heat trans-
fer. They concluded that the leading edge horseshoe vortices are
similar for low and high turbulence intensity conditions, and the
high turbulence intensity produces high St number. Lin and Shih
[9] used CFL3D (version 5) code with the shear-stress-transport
(SST) k- turbulence model to study the gap leakage flow on
contouring endwall. They found that all types of the contour end-
walls will reduce the secondary flow, but only the through blade
contour endwall increases the film cooling effectiveness. Nicklas
[10] used an IR camera to study the film-cooled turbine endwall in
a transonic cascade and suggested to shift the slot upstream of the
rotor leading edge to avoid increasing the horseshoe vortex. Knost
and Thole [11] used the FLUENT CFD code to predict the endwall
film cooling for a first-stage vane and indicated that the superpo-
sition overpredicts the film cooling effectiveness along the end-
wall for the combined endwall film cooling and slot cooling con-
figurations. Zhang and Moon [12] used the pressure sensitive
paint (PSP) technique to study the effect of back-facing step on
the endwall film cooling and found that the back-facing step
causes an unstable boundary layer and damages the film coverage.
Han and Goldstein [13] used mass transfer technique to study the
leading edge fillet effect on the endwall heat transfer and summa-
rized that the fillet significantly reduces the horseshoe vortex for
the low turbulence intensity conditions but increases the leading
edge corner vortices. Cardwell et al. [14] measured the endwall
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film cooling adiabatic effectiveness with realistic features includ-
ing a combustor to turbine interface gap, a vane to vane midpas-
sage gap, and a platform misalignment and surface roughness.
Recently, Yang et al. [15] numerically investigated the film
cooling produced by slot purge flow on the rotating platform in a
1-% turbine stage, which is closer to the real engine working con-
ditions compared with other studies. They concluded that the
stator-rotor interaction yields unsteady film cooling and heat
transfer, and the cooling effectiveness increase with increasing
rpm until the rotating speed reaches the best performance point.
They calculated both the overall and adiabatic film cooling effec-
tiveness and heat transfer coefficients and demonstrated that the
turbine work process has a strong impact on the film cooling and
heat transfer patterns inside the turbine stage. Suryanarayanan
et al. [16] employed the PSP technique to measure the film cool-
ing on the rotating platform in a complete turbine stage. PSP is a
mass transfer technique, which eliminates the heat conduction er-
ror near the film holes and the turbine work effect in the measure-
ment of film cooling effectiveness. They found that the film cool-
ing effectiveness on the rotating blade platform increases with
increasing coolant purge rate. In addition, increasing rpm also
enhanced the film cooling effectiveness for the range of rotating
speeds (1500 rpm, 2000 rpm, and 2550 rpm) considered in their
study. Until now, very few researchers reported in the literature
the effect of stator-rotor interaction on detailed film cooling effec-
tiveness and heat transfer coefficients of the purge slot and dis-
crete holes on the rotating platform in a complete turbine stage. In
the present study, numerical simulations were performed to inves-
tigate the detailed unsteady film cooling and heat transfer on the

rotating platform in a 1—% turbine stage with combined stator-rotor
purge flow and downstream discrete-hole film cooling under vari-
ous working conditions. The geometry considered in the present
numerical simulations is similar to the turbine stage studied ex-
perimentally by Suryanarayanan et al. [17].

2 Computational Details

The present three-dimensional calculations were carried out for

a 1-% turbine stage, which includes the first-stage stator (stator 1),
the first-stage rotor (rotor), and the second-stage stator (stator 2),
as shown in Fig. 1. There are two different film cooling configu-
rations on the rotating platform; one is the purge slot on the rotor
leading edge and the other consists of nine discrete film holes on
the platform trailing portion. For the purge slot cooling, the film
coolant enters the disk cavity of the first-stage stator and purges
through the inclined slot in the hub junction between the first-
stage stator and the rotor, as shown in Fig. 1(a). For discrete-hole
film cooling, the coolant flows into a plenum and discharges
though nine tubes with compound angle to the platform trailing
portion. In Fig. 1(a), the portions outlined in gray are nonrotating
domains, which include stator 1, disk cavity of stator 1, and stator
2, while the black represents the rotating domains such as the
rotor and its disk cavity, coolant plenum, and nine connecting
tubes for discharge of coolant jets. The axial width of the slot is 7
mm with 25 deg inclined angle to the rotor platform. The slot
length is 16.5 mm and the slot bottom is connected to both the
stator 1 and the rotor disk cavity. The length of the disk cavity for
stator 1 is 25.4 mm (1 in.), and 12.7 mm (0.5 in.) for the rotor. The
height of the disk cavity is 144.8 mm (5.7 in.). A matrix of nine
discrete compound angled coolant holes of 1 mm in diameter is
placed on the rotor platform at about 50% downstream of the
blade passage. The pitch to diameter ratio for the discrete holes is
approximately 5 and the compound angles for all nine holes were
given in Ref. [17]. Figure 1(b) shows the surface grids for stators,
rotor, platform, and disk cavity. Calculations were performed for
one row of stators and rotor passages with periodic boundary con-
ditions in the circumferential direction, as shown in Fig. 1(a), but
the numerical grids were repeated in Fig. 1(b) to provide a clear
view of the blade passage. Only the rotor platform (indicated in
Fig. 1(b)) is film cooled in the present study. The blade height is
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Fig. 1 (a) Computational domain of purge slot and discrete

holes film-cooled platform in a 1-% turbine stage and (b) nu-
merical grids (repeated two times)

63.5 mm (2.5 in.), the root diameter is 558.8 mm (22 in.), and the
shroud diameter is 685.8 mm (27 in.). Both the stator and rotor
blades are two dimensional with the same blade profiles in the
spanwise direction. The present blade profiles are exactly the
same as the experimental blades used by Suryanarayanan et al.
[16]. In their experiment, there were 58 first-stage stator blades,
46 rotor blades, and 52 second-stage stator blades. To simulate the
experimental conditions exactly, it is necessary to use 29 first-
stage stator blades, 23 rotor blades, and 26 s-stage stator blades
with periodic boundary conditions along the circumferential direc-
tion. In order to significantly reduce the computer memory and
CPU time requirements, it is desirable to use the same number of
blades for both the rotor and stators in the present 1—% turbine
stage. This enables us to simulate only one flow passage with
periodic boundary conditions in the circumferential direction.
Since this paper focuses on the film cooling on the rotor platform,
it is reasonable to simplify the turbine stage by using 46 blades for
both the first- and second-stage stators while maintaining the cor-
rect number of rotor blades, as shown in Fig. 1(b). Additional
information of the turbine rig and the two-dimensional blades can
be found in Refs. [18,19].

The simulations were performed using the CFD software pack-
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age FLUENT (version 6.2) [20]. The solutions were obtained by
solving the compressible Reynolds-averaged Navier—Stokes
(RANS) equations together with a Reynolds stress model (RSM)
using a finite volume method to discretize the continuity, momen-
tum, and energy equations. The GAMBIT software with Turbo func-
tion was used to generate the unstructured hexahedral grids. The
computational domain consists of fluid around the first-stage sta-
tor and its disk cavity, film-cooled rotor platform with its leading
edge disk cavity, trailing portion discrete holes and coolant ple-
num, and the second-stage stator. The computational domain is
mostly composed of the hexahedral cells, which gives higher nu-
merical accuracy for the same number of cells. A sliding mesh
was used in conjunction with an interface technique to facilitate
the information exchange between the stators and rotor domains.
Relatively coarse grids were used for the majority of the 1-%
turbine stage, while the angled purge slot, the discrete film holes,
the platform of rotor, and the boundary layer of the stator and
rotor blades were covered with much finer grids to provide accu-
rate resolution of the film cooling effectiveness and heat transfer.
The total number of grid cells used is about 2.4 X 10*°. Nonequi-
librium wall function based on the two-layer concept is adopted to
compute the kinetic energy equations in the wall-neighboring
cells. It provides better representation of the near-wall flow than
the standard wall function, and is more appropriate for complex
three-dimensional flow involving separations. Our previous stud-
ies [21,22] show that the nonequilibrium wall function provides
good prediction of heat transfer coefficients while overpredicts the
film cooling effectiveness. In the present study, the y*
=pCL/4k[l,/2yp/ w value of near-wall cells falls between 30 and 100
for most of the regions, where k is the turbulent kinetic energy
and the subscript p denotes the near-wall grid point. The geometry
and detailed numerical grids around the purge slot, nine discrete
film holes, and rotor platform are shown in Fig. 2.

Calculations were performed for three different rotating speeds
of 2000 rpm, 2550 rpm, and 3000 rpm, where 2550 rpm is the
design condition while 3000 rpm is the best performance point for
the highest turbine efficiency for the test rig considered in the
present study. Note that the design rpm is lower than the best
performance rpm in this test rig. The inlet total and exit static
pressures of the turbine stage are P;,=101,356 Pa and P,
=85 kPa, respectively, with a pressure ratio of 1.19. At the inlet
of the first-stage stator, the total temperature (323 K) and turbu-
lence intensity (5%) are specified with an inlet flow angle of 0
deg.

Journal of Turbomachinery

The absolute velocity at the stator 1 inlet is about 30 m/s. The
coolant temperature is 300 K for both the purge slot flow and the
discrete-hole film cooling, which is identical to the experimental
conditions. The amount of coolant entering the purge slot and
discrete holes were specified independently to achieve the desir-
able local blowing ratios for purge flow and coolant jets. For the
purge slot, the overall coolant mass flow rate is MFR=1% of
mainstream flow, which corresponds to a local blowing ratio of
M=0.184. For the discrete holes film cooling, the blowing ratio
based on the rotor exiting velocity is M=1.

In this paper, three sets of calculations with different thermal
boundary conditions were performed to evaluate the adiabatic film
cooling effectiveness 7y, =(Taw,0— Taw )/ (Taw,0—T}) and the heat
transfer coefficient h,y=g,,/ (T),—Tay.0). The hyy, is based on the
adiabatic wall temperature. For the calculation of T, s, the turbine
inlet total temperature is specified at 7, ,=323 K and the coolant
total temperature is 7,.=300 K. The adiabatic wall boundary
condition is used for the platform and blade surfaces to obtain
Ty s It should be noted that 7, ¢ includes not only the effects of
film cooling but also the temperature decrease due to the turbine
work process. In order to determine the true film cooling effec-
tiveness 17,, without the complication caused by turbine work
process, it is necessary to calculate another adiabatic wall tem-
perature T, for the same configurations in the absence of film
coolant injection. This enables us to obtain the true effect of cool-
ant protection by comparing the temperature differences between
the two cases with and without the presence of the coolant. For
the calculation of heat transfer coefficient, the coolant total tem-
perature is kept the same as the turbine inlet total temperature of
323 K, while the wall temperature is fixed as 300 K to evaluate
the heat flux ¢|. The heat transfer coefficient is calculated from
haw=4q1/ (T, = Tyy 0), which depends only on the turbine flow con-
dition but not the turbine work process. For completeness, the
overall heat transfer coefficient h=g,/(T,,—T,.) is also given in
this paper to quantify the effects of turbine work process.

At the initial stage of each simulation, the rotor rotates with a
rather large time increment of 100 time steps per revolution for
ten revolutions. This enables us to quickly build up the swirling
flow inside the disk cavity and purge slot. However, this time
increment is too large to resolve the detailed blade-to-blade flow
since the rotor moves through the wakes of 46 first-stage stator
blades in one complete revolution. After the swirling flow inside
the disk cavity is fully established in ten revolutions, the time
increment was reduced drastically to provide accurate resolution
of the blade-to-blade flow induced by stator-rotor interactions.
Based on our previous study [15] for cavity purge flow, a much
smaller time increment with 100 time steps per passing period was
used for accurate resolution of the stator-rotor interactions. Here,
the passing period 7 is defined as the time it takes the rotor to
move from one stator row to another. To achieve good periodic
results for the blade passage flow, simulations were performed for
ten passing periods and the numerical results were recorded and
analyzed once every 25 time steps (i.e., every ﬁ passing period).
In Secs. 3-6, the numerical results at four different time phases
with ¢/ T=9i ,9% ,9%, and 10 will be presented. The present simu-
lations are computationally intensive since they involve unsteady
three-dimensional flow sliding rotor mesh, and about 2.4 X 10*°
cells. Each simulation was performed using the parallel version of
FLUENT on two processors, and requires about one month of CPU
time on the SGI Altix 3700 supercomputer at Texas A&M Uni-
versity. A total of nine simulations were performed to determine
the adiabatic wall temperature, film cooling effectiveness, and
heat transfer coefficients for three different rotating speeds of
2000 rpm, 2550 rpm, and 3000 rpm, respectively.

3 Flow Structure Study

Figure 3 shows a vertical cross section and the corresponding
streamlines and dimensionless temperature (6) contours for the
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Fig. 3 (a) Vertical cross section and (b) corresponding dimensionless temperature con-

tours and streamlines, 2550 rpm, MFR=1%

purged coolant slot. Due to the rotation of the rotor blade, a swirl-
ing flow is induced inside the disk cavity. The swirling coolant is
pushed (purged) out of the disk cavity through the inclined cool-
ant slot into the rotor blade passage at a prescribed mass flow rate
of MFR=1%. It is seen that there is a small recirculation region
near the slot entrance due to the sharp turn. In addition, a small
portion of the mainstream flow in the blade passage is entrained
into the coolant slot as seen from the relatively high temperature
(low dimensionless temperature 6) fluid near the slot exit. It
should also be remarked that the coolant flow in the slot is highly
three dimensional (not shown in the figure) with significant varia-
tions in the circumferential directions.

Figure 4 shows the conceptual rotor velocity diagram, inlet ve-
locity triangle, and outlet velocity. The previous studies [21,22]
show that the rotor inlet absolute velocity V, is nearly constant
since it depends primarily on the turbine inlet/outlet pressure ratio,
while rotor relative velocity W, varies significantly with the rotat-
ing speed U,. When the rotating speed U, increases from the
low-rpm condition to the intermediate-rpm, and then to the high-
rpm condition, the flow angle (3,) of the relative velocity W,
changes correspondingly. Consequently, the stagnation points on
the rotor leading portion shifts gradually from the pressure side
(denoted by the dashed line) to the suction side (solid line), and
the incident flow angle changes significantly, as shown in the
middle of Fig. 4(a). It should also be noted that the rotor relative
exit flow angle is nearly independent of the rotating speed, since it
is determined mainly by the rotor blade profile.

Figure 4(b) compares the predicted rotor relative velocity on an
annular (constant-radius) cross section, which is located at 1% of
the blade span above the hub and parallel to the platform. The
lowest velocity magnitude region denotes the stagnation point of
the rotor leading edge. For the low rotating speed (2000 rpm)
condition, the stagnation point (lowest velocity region) was ob-
served on the pressure side of the leading edge. The stagnation
point gradually shifts from the pressure side to the blade leading
edge with increasing rotating speed to 2550 rpm. When the rotat-
ing speed further increases to 3000 rpm, the stagnation point
moves to the suction side, and the incident angle becomes nega-
tive, as noted in Fig. 4(a). It is interesting to note that the relative
velocity decreases with increasing rpm, especially in the trailing
portion, because the high rotating speed rotor extract more energy
from the gas.

Figure 5 shows the streamlines and dimensionless temperature
(6) contours on two annular cross sections located at 1% and 2%
of the blade span to provide a detailed description of the flow and
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film cooling characteristics under various rotating conditions. It
should be noted that the dimensionless temperature 6 is defined in
the same way as the adiabatic film cooling effectiveness 7,-
Therefore, the dimensionless temperature is identical to the adia-
batic cooling effectiveness on the platform surface. The arrow
with double solid line denotes the incident flow angle of rotor
relative velocity under the design condition, while the dashed line
indicates the relative inflow direction for the low rpm, and the
single solid line for the high-rpm conditions. The denotations are
the same as those shown earlier in Fig. 4. The coolant from the
purge slot is strongly affected by the rotation and the coolant
traces can be clearly detected by the high values of dimensionless
temperature € near the leading portion of the rotor blade. For the
low rotating speed of 2000 rpm, the dividing streamline impinges
on the leading edge pressure side with a positive inflow angle. The
coolant flow structure is rather complex due to the influence of
horseshoe vortices. At the design condition 2550 rpm, the stagna-
tion point shifts to the leading edge and the coolant purge flow is
driven from the pressure side to the suction side. For the high
rotation condition of 3000 rpm, the rotor inlet relative velocity
directs to the suction side of the leading edge with a negative
angle of attack and the coolant penetration is significantly weaker
comparing to the design condition. It is clearly seen that the de-
sign condition produces the highest dimensionless temperature
around the rotor leading edge since the platform purge slot coolant
impinges directly on the leading edge.

In general, the dimensionless temperatures at 1% cross section
are higher than those observed at 2% cross section since the
purged coolant flow is confined to a fairly thin layer above the
platform. It is also worthwhile to note that the temperature con-
tours at 1% and 2% annular cross sections are not significantly
affected by the discrete-hole coolant jets since the coolant mass
flow rate from each film hole is considerably smaller than the
mass flow rate from the purge slot.

Figure 6 shows a comparison of the static pressure contours
around the rotor blade hub region with and without platform purge
flow. For the blade without purge flow shown in Fig. 6(a), high
pressure is confined to pressure side while a low static pressure
region exists on the suction side rotor region. For the rotor blade
with platform purge flow shown in Fig. 6(b), the high pressure
region extends from the pressure side to the suction side due to the
impingement of purged coolant flow on the blade leading edge. It
can also be clearly seen that the effect of the purged coolant is
confined to the root region of the rotor blade.

For completeness, the three-dimensional coolant flow structures
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Fig. 4 (a) Conceptual rotor inlet velocity triangle and (b) predicted rotor relative velocity for various working

conditions

in the rotor blade passage and the associated adiabatic film cool-
ing effectiveness contours on the platform are also plotted in Fig.
7 to provide more detailed understanding of the coolant flow and
heat transfer characteristics at various rotating speeds. It should be
noted that the streamlines in the rotor inlet region shown in Fig.
7(a) are plotted in rotating reference frame using the relative ve-
locity, while the absolute velocity is used for streamlines in the
outlet sections shown in Fig. 7(b). For the purge slot coolant flow
structure in Fig. 7(a), the coolant accumulates on the blade suction
side with very little protection of the pressure side of the rotor
platform except in the leading edge region. The coolant traces
diminish gradually downstream of the purge slot and vanish com-
pletely toward the trailing portion after mixing with the main-
stream flow. In the midchord region (i.e., third cross section from
the blade leading edge), the purged coolant flow is driven by the
blade passage vortex from the pressure side toward the suction
side, leaving the pressure side of the platform unprotected. For the
2000 rpm condition, a pair of horseshoe vortices is clearly visible
in the blade root region and the suction side vortex is much stron-
ger than that on the pressure side. With increasing rotation speed,
the strength of the suction side horseshoe vortex reduces quickly
and the pressure side vortex disappeared completely. For the de-
sign condition at 2550 rpm, the mainstream flow impinges directly
on the rotor leading edge. Consequently, the coolant from the
purge slot accumulates around the blade leading edge region.

Journal of Turbomachinery

When the rotating speed is further increased to the best perfor-
mance point at 3000 rpm, the horseshoe vortex is very weak and
the coolant is pushed away from the suction side root region into
the middle section of the rotor blade passage.

Figure 7(b) shows the downstream coolant flow structures and
the corresponding adiabatic film cooling effectiveness distribu-
tions. The streamlines are plotted using the tangential components
of the absolute velocity at each cross section. It is interesting to
note that there are two distinctive coolant strips on the rotor suc-
tion side. The upper coolant strip is produced by the platform
purge slot, while the bottom one along the blade-platform junction
is produced by the discrete-hole coolant jets. The coolant from the
platform purge slot covers a fairly wide section of the blade suc-
tion side up to about 25% of the blade span but provides very
limited coverage for the pressure side of the platform, as noted
earlier in Fig. 7(a). On the other hand, the discrete-hole coolant
jets protect a wide region of the platform passage but provide very
limited protection of the blade suction along the blade-platform
junction. It is worthwhile to note that the passage vortex develops
from the midchord portion to the trailing portion with increasing
rpm.

4 Adiabatic Film Cooling Effectiveness Study

Figure 8 shows detailed comparisons of the instantaneous adia-
batic film cooling effectiveness at four time phases for various
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Fig. 5 Comparison of streamlines and dimensionless tem-
perature (6) contours on the annular cross sections for various

rotating speeds, time phase }

rotating speeds. In general, the film cooling effectiveness de-
creases along the flow direction due to the mixing of the coolant
with the mainstream in turbine blade passage. The purge slot film
cooling is strongly affected by the stator-rotor interactions in the
leading edge region, while the discrete-hole film cooling is not
significantly influenced by the unsteady intensity of the stator
wake flow. As mentioned earlier in Fig. 7, the coolant from purge
slot is driven by the blade passage vortex away from the pressure
side and accumulates on the suction side. Consequently, most of
the coolant coverage is confined to a curved triangular region
adjacent to the blade suction side with diminishing protection for
the blade pressure side in the midchord and downstream areas.

Fig. 7 Coolant flow structures for (a) purge slot at leading por-
tion based on the rotor relative velocity and (b) discrete holes
at trailing portion based on the rotor absolute velocity

For the low-rpm case at 2000 rpm, the slot coolant is pushed away
from the suction side by the positive incident flow angle. The film
cooling effectiveness fluctuates significantly among four different
time phases in the leading edge region due to the strong stator-
rotor interactions. The effects of stator-rotor interaction reduce
rapidly in the midchord and downstream regions. Therefore, the
discrete-hole film cooling tends to be more stable with relatively
small fluctuations. For the intermediate rotating speed of 2550
rpm, the purge slot coolant impinges directly on the rotor leading
edge and produces a high level of adiabatic film cooling effective-
ness around the leading edge and spread out over a fairly wide
area. In addition, the film cooling effectiveness is highly unsteady
around the blade leading edge region due to the strong stator-rotor
interactions. However, the film cooling effectiveness and unsteady
intensity of the purge flow diminishes rather quickly in the rotor
blade passage. Therefore, it is desirable to place the discrete holes
in the midchord region in order to provide necessary protection of
the platform surface in the midchord and trailing edge regions.
For the high rotating condition at 3000 rpm, the purge slot coolant
spreads more uniformly across the blade passage with a decrease
in the peak value of film cooling effectiveness, but the overall
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Fig. 6 Comparison of static pressure contours on the rotor blade hub region: (a) without platform
purge flow and (b) with platform purge flow; 2550 rpm, time phase l—, MFR=1%
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Fig. 8 Comparison of adiabatic film cooling effectiveness on the rotating blade platform for various
rotating speeds, platform purge slot MFR=1%, discrete film holes M=1

adiabatic film cooling effectiveness level is somewhat higher
compared to the design condition. The reduction in platform purge
flow cooling effectiveness may be attributed to (1) shift of the
stagnation point to suction side and (2) stronger wake effect of the
first-stage stator.

Figure 9 shows the laterally averaged cooling effectiveness and
unsteady intensity on the rotating platform for various rotating
speeds with a purge flow rate MFR=1% and discrete holes blow-
ing ratio M=1. In the upstream section of the blade passage (0
<X/Cx<0.5), the film cooling effectiveness decreases along the
turbine passage due to the mixing of purged coolant with main-
stream flow. With increasing rotating speed, the purge slot cooling
effectiveness increases slightly because high rpm decreases the
rotor relative velocity and reduce the strength of the horseshoe
vortex. At the trailing portion (0.5 <X/Cx<1), the cooling effec-
tiveness varies in a sawtooth pattern due to the superposition of
staggered coolant jets from the nine discrete holes. It is further
noted that the laterally averaged film cooling effectiveness at the
design condition is somewhat lower than those observed for the
2000 rpm and 3000 rpm conditions. This can be attributed to the
rapid decay of the film cooling effectiveness for purge slot flow at
2550 rpm as noted earlier in Fig. 8.

Figure 9(b) shows the instantaneous and time-averaged adia-
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batic cooling effectiveness for the design condition with slot mass
flow ratio MFR=1% and discrete-hole blowing ratio M=1. It is
clearly seen that the fluctuation of cooling effectiveness increases
from the leading edge and reaches the peak value at 20% of the
blade axial chord length (i.e., X/Cx=0.2), and then decreases to-
ward the trailing edge since the effect of stator-rotor interaction
diminishes rapidly after the midchord section. The film cooling
effectiveness pattern due to the discrete-hole coolant jets is fairly
steady with relatively small fluctuations. In order to quantify the
level of unsteady fluctuations, we evaluate the unsteady intensity
of the film cooling effectiveness using the following definition:

N

1 o

Tu,= \/17,2(771—77)2/77
i=1

where 7; is the cooling effectiveness for time step i and 7 is the
averaged cooling effectiveness over N time steps. Figure 9(c)
shows the comparison of cooling effectiveness unsteady intensity
for various rotating speeds. In general, the purge slot film cooling
shows a high level of unsteady intensity for all the rotating speeds
over the first half of the rotor blade passage due to strong rotor-
stator interactions at the rotor inlet. In the midchord and trailing
edge regions, the discrete-hole coolant jets produce high film
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Fig. 9 (a) Laterally averaged adiabatic cooling effectiveness
for various rotating speeds. (b) Instantaneous and time aver-
aged adiabatic film cooling effectiveness for 2550 rpm. (c) Lat-
erally averaged unsteady intensity of adiabatic cooling effec-
tiveness for various rotating speeds, with platform purge slot
MFR=1%, discrete film holes M=1.

cooling effectiveness but the corresponding unsteady intensity is
relatively low since the influence of stator-rotor interactions di-
minishes rapidly downstream of the midchord section.

Figure 10 shows a comparison of the measured [17] and calcu-
lated adiabatic cooling effectiveness for 2550 rpm and 3000 rpm,
respectively, with a purge flow rate MFR=1% and discrete holes
blowing ratio M =1. Please be noted that the normal slot width for
the current study is 3 mm; however, it is 2.3 mm in the measure-
ment by Suryanarayanan et al. [17]. Therefore, the low blowing
ratio for the purge flow in the prediction is about 23% lower than
the experiment. The predicted film cooling effectiveness patterns
are in reasonably good agreement with the corresponding mea-
surement, but the discrete-hole film cooling effectiveness is some-
what overpredicted. Both the simulation and experiment indicate
that the purge slot cooling covers the leading portion of the rotor
platform and the purged coolant tends to accumulate on the suc-
tion side with diminishing coverage of the pressure side beyond
25% of the axial chord length. Both the measurement and predic-
tion show that the passage vortex drives cooling traces from dis-
crete holes from the pressure side to the suction side. Although the
purge slot film cooling MFR is 1%, the corresponding local blow-
ing ratio (M) is only 0.184, which is far below the blowing ratio
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Fig. 10 Comparison of adiabatic film cooling effectiveness on
the rotating blade platform between experiment [17] and simu-
lation for 2550 rpm and 3000 rpm, purge slot MFR=1 %, discrete
holes M=1

for discrete holes film cooling of M =1. Therefore, the simulation
predicted higher local cooling effectiveness downstream of the
discrete holes than that of the purge slot, which is confirmed by
the experimental data. However, the predicted discrete-hole film
cooling effectiveness levels are considerably higher than the cor-
responding measurements. The measured film cooling effective-
ness reduces slightly when the rotating speed increases from 2550
rpm to 3000 rpm. The simulation also shows a reduction in purge
slot cooling effectiveness at the rotor inlet at 3000 rpm, but the
laterally averaged effectiveness increases significantly in the mid-
chord and downstream regions, as shown earlier in Fig. 9(a).

5 Adiabatic Heat Transfer Study

Figure 11 shows the heat transfer coefficients, based on the
adiabatic wall temperature, /1,5,=q,,/ (T,,— Ty o), on the rotor plat-
form at four time phases for three rotating speeds. The high heat
transfer coefficient region develops from the leading portion pres-
sure side and increases along the mainstream flow direction to-
ward the trailing edge due to the flow acceleration in the rotor
passage, which is confirmed by the experiment studies of Haras-
gama and Burton [2,3]. Downstream of the rotor trailing edge, the
heat transfer coefficient decreases due to the deceleration of main-
stream flow in the rotor wake region. The heat transfer coefficient
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is also low in the leading edge region because purge slot coolant is
slower than the mainstream flow and acts as a blockage to reduce
the heat transfer coefficient. Similarly, the heat transfer coefficient
also decreases downstream of the discrete-hole coolant jets since
the blowing ratio (M =1) for the coolant jets is defined based on
the rotor exit velocity, which is lower than the mainstream veloc-
ity in the midchord region where the discrete holes are located.
As noted earlier in Fig. 4(b), the rotor relative velocities de-
creases with increasing rotating speed for the fixed inlet/outlet
pressure ratio considered in the present study. It is clearly seen
that the heat transfer coefficient is quite high for 2000 rpm case
due to high rotor relative velocity. When the rotating speed was
increased to 2550 rpm and then to 3000 rpm, the heat transfer
coefficients decrease sharply since the rotor relative velocities are
significantly lower for high-rpm conditions. Similar to the adia-
batic film cooling effectiveness, the heat transfer coefficients also
fluctuate significantly among four different time phases. In gen-
eral, the unsteady intensity of heat transfer coefficient is high in
the platform leading portion but diminishes in the midchord and
downstream regions where the discrete film holes are located.

6 Overall Heat Transfer Coefficients and Film Cooling
Effectiveness

In order to evaluate h,,, as shown earlier in Fig. 11, it is nec-
essary to determine the adiabatic wall temperature Ty, o separately
with additional measurements or calculations. On the other hand,
the overall heat transfer coefficient h=gq,/(T,,—T,.) can be easily
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Heat transfer coefficients (based on the adiabatic wall temperature) on the ro-
tating platform for various rotating speeds, purge slot MFR=1 %, discrete holes M=1

evaluated since the turbine inlet total temperature T, ., can be mea-
sured directly. However, the overall heat transfer coefficient &
involves not only the effects of the velocity field but also the
turbine work process while 4, depends only on the flow field. In
general, the turbine work process reduces the mainstream tem-
perature since a portion of the thermal energy is converted to
mechanical work to turn the rotor blades. Therefore, the local
adiabatic wall temperature Ty, ( in the rotor passage is lower than
the inlet total temperature T, ,, for the turbine stage and closer to
the wall temperature 7, on rotor blade surface. It is clearly seen
from Fig. 12 that the overall heat transfer coefficient /4 is signifi-
cantly lower than the h,, based on adiabatic wall temperature
(note for different scales in Figs. 11 and 12) since the denominator
T, —T,.. is larger than T,,— Ty ¢ for the same wall heat flux ¢,
To study the impact of turbine work process on the film cooling
effectiveness, the overall film cooling effectiveness, defined as 7
=(T, = Toy )/ (T, =T, ), is also presented in Fig. 13 using the
same scale as the adiabatic cooling effectiveness in Fig. 8. As
noted earlier, the turbine work reduces the mainstream tempera-
ture and produces an overall film cooling effectiveness even with-
out the presence of coolant in platform purge slot or discrete film
holes. This results in a high overall cooling effectiveness # near
the trailing edge since the mainstream temperature reduces along
the rotor blade passage as a result of the turbine work. Compared
to the adiabatic film cooling effectiveness 7,, in Fig. 8, it is
clearly seen that the overall film cooling effectiveness # is much
higher than the corresponding true film cooling effectiveness 7,
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Fig. 12 Overall heat transfer coefficients on the rotating platform for various rotating

speeds, purge slot MFR=1%, discrete holes M=1

for all three rotating speeds. Furthermore, the overall film cooling
effectiveness tends to increase with increasing rotating speed
since more turbine work is produced at higher rpm for the range
of rotating speeds considered in the present study.

7 Conclusions

Numerical simulations were performed for the three-
dimensional 1-% turbine stage to determine the effect of stator-
rotor interaction on platform purge slot and discrete holes film
cooling and heat transfer. The platform purge slot with overall
coolant mass flow rate MFR=1% and discrete film holes with
blowing ratio M =1 were investigated for low, intermediate, and
high rotating speeds. Both the adiabatic film cooling effectiveness
and heat transfer coefficient based on adiabatic wall temperature
were evaluated to determine the true effect of film cooling. The
overall film cooling effectiveness and heat transfer coefficient
were also presented to determine the influence of turbine work
process. The primary findings from this study are summarized as
follows.

(1) The stator-rotor interaction produced high unsteady inten-
sities for platform purge slot film cooling and heat transfer,
while the discrete holes film cooling is only slightly af-
fected.

041003-10 / Vol. 131, OCTOBER 2009

(2) With increasing rotating speed, the flow incidence angle
changed significantly and the stagnation point shifts gradu-
ally from the pressure side to the suction side on the rotor
leading edge. Higher rotating speed also reduces the rotor
relative velocity and increases the local blowing ratio for
platform purge flow.

(3) At the design condition of 2550 rpm, the film cooling ef-
fectiveness is very high in the upstream section of rotor
passage since the platform purge coolant impinges directly
on the rotor leading edge. For lower rotating speed of 2000
rpm, the purge flow cooling effectiveness reduces due to
the lower blowing ratio (higher rotor relative inlet velocity)
and the shift of stagnation point to the blade pressure side.
The trend is reversed in the midchord and downstream sec-
tions with lower discrete holes film cooling effectiveness
for the design condition. At 3000 rpm, the peak value of
purge flow cooling effectiveness is lower than the design
condition due to the stronger wake effect from the first-
stage stator blades and the shift of stagnation point to the
blade suction side, but the overall film cooling effectiveness
is somewhat higher than low-rpm cases.

(4) With increasing rotating speed, the heat transfer coefficients
(based on adiabatic wall temperature) decrease sharply
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Fig. 13 Overall film cooling effectiveness on the rotating blade platform for various
rotating speeds at four time phases, purge slot MFR=1%, discrete holes M=1

since the rotor relative velocities are significantly lower for
high-rpm conditions.

The turbine work process reduces the mainstream tempera-
ture in the rotor blade passage. This results in a significant
increase in the overall film cooling effectiveness and a re-
duction in the overall heat transfer coefficients.

The predicted adiabatic film cooling effectiveness is in rea-
sonably good agreement with the corresponding experiment
data, but the effectiveness of the discrete film holes was
overpredicted.

)

(6)
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Nomenclature
A = area (m?)
C, = axial chord length of the rotor blade
h = overall heat transfer coefficient, ¢,,/(T,,—T}.)
(W/m? K)
h,, = heat transfer coefficient based on the adiabatic
wall temperature, g/ (T)y—Toy0) (W/m? K)
P = local static pressure (Pa)
r = radius of turbine
Tu = turbulence intensity
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Tu,,
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T~ ™R

Subscripts

S wo

~ 0

unsteady intensity of film cooling effective-

ness, \(2(7,—-7)*/N)/ 7

bIOWing ratio, (pcvc)/(pmwlocal)
purge-to-mainstream mass flow ratio, M./ M.,
=(Acpch)/(AwaVoc)

rotor rotating speed (m/s)

absolute inlet velocity of rotor (m/s)
relative inlet velocity of rotor (m/s)

axial distance (cm)

overall film cooling effectiveness

(Tt,w_ Taw,_f) / (Tt,oo_ Tt,c)

adiabatic film cooling effectiveness (7,0
- Taw,f) / (Taw,O_ Tt,c)

absolute flow angle

relative flow angle

flow incidence angle

= dimensionless temperature (T 0= Taw.f)/ (Taw0

- Tt ,c)

without film cooling
station 2

station 3

adiabatic wall

coolant

with film cooling

total or stagnation value
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w = wall of blade
o = inlet stream of turbine stage
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Turbine Blade Platform Film
Cooling With Typical Stator-Rotor
Purge Flow and Discrete-Hole
Film Cooling

This paper is focused on the effect of film-hole configurations on platform film cooling.
The platform is cooled by purge flow from a simulated stator-rotor seal combined with
discrete-hole film cooling within the blade passage. The cylindrical holes and laidback
fan-shaped holes are assessed in terms of film-cooling effectiveness and total pressure
loss. Lined up with the freestream streamwise direction, the film holes are arranged on
the platform with two different layouts. In one layout, the film-cooling holes are divided
into two rows and more concentrated on the pressure side of the passage. In the other
layout, the film-cooling holes are divided into four rows and loosely distributed on the
platform. Four film-cooling hole configurations are investigated totally. Testing was done
in a five-blade cascade with medium high Mach number condition (0.27 and 0.44 at the
inlet and the exit, respectively). The detailed film-cooling effectiveness distributions on
the platform were obtained using pressure sensitive paint technique. Results show that the
combined cooling scheme (slot purge flow cooling combined with discrete-hole film cool-
ing) is able to provide full film coverage on the platform. The shaped holes present higher
film-cooling effectiveness and wider film coverage than the cylindrical holes, particularly
at higher blowing ratios. The hole layout affects the local film-cooling effectiveness. The
shaped holes also show the advantage over the cylindrical holes with lower total pressure
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1 Introduction

The ability of today’s gas turbine engines to withstand increas-
ingly higher turbine-inlet temperatures has been largely due to the
advancement in cooling technology. One technique heavily relied
on is film cooling. With film cooling, relatively cool air forms a
protective film on the outer surface of the airfoil, creating an
additional layer of resistance between the hot mainstream gas and
the metallic airfoil. With the platform of the blade comprising a
large percentage of the area directly exposed to the hot gas, it is
vital that this area is adequately protected from the hot gases.
Several reviews have been published by Han et al. [1], Langston
[2], Chyu [3], and Simon and Piggush [4], which gave an over-
view of the fluid flow, heat transfer, and film cooling near the
endwall and platform regions. Studies by Langston et al. [5,6]
revealed some secondary flow structures. When a boundary layer
flow approaches a blade or vane, a vortex forms at the leading
edge and continues along each side of the airfoil forming a horse-
shoe vortex. The pressure distribution within the passage causes
the suction side leg of the horseshoe vortex to follow the suction
side of the airfoil. The pressure side leg of the horseshoe vortex is
carried across the passage and gains strength. This large vortex is
often called passage vortex. The passage vortex meets the suction
side of the airfoil and climbs up to the airfoil surface. Goldstein
and Spores [7] and Wang et al. [8] found several “corner” vortices
that formed near the intersection of the airfoil surface and the
endwall. The secondary flows increase the heat transfer between
the mainstream gases and the uncooled platform. They also make
film cooling on the platform difficult.

Many researchers have investigated film cooling on endwalls
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with discrete cylindrical holes. Takeishi et al. [9] obtained heat
transfer and film effectiveness distributions on a vane endwall
with film holes placed at three locations in the passage.
Harasgama and Burton [10] used film cooling near the leading
edge, just inside the passage, with the film-cooling holes located
along an iso-Mach line. The film-cooling configuration used by
Jabbari et al. [11] consisted of discrete holes placed on the down-
stream half of the passage. Friedrichs et al. [12,13] studied the
film-cooling effectiveness and aerodynamic loss on a fully film
cooled endwall. Friedrichs et al. [14] also improved the endwall
film-cooling configurations. From the above studies, it is found
that the film cooling is strongly affected by the endwall secondary
flows. The cross flow transports the coolant from the pressure side
to the suction side of the passage. If a film hole is located at
separation lines of the secondary flows, the coolant will be lifted
off and results in little film protection on the surface. The leading
edge region of the endwall is very hard to be cooled by the dis-
crete holes because of the rollup of the horseshoe vortex.

Recently, researchers attempted to employ the shaped hole on
the endwall film cooling. Barigozzi et al. [15,16] studied the film-
cooling effectiveness and aerothermal performance on a passage
endwall with four rows of cylindrical holes or fan-shaped holes.
Similar to flat plate film cooling, shaped film-cooling holes offer
better film protection than cylindrical holes. The thermodynamic
secondary loss increases for the holes with larger area ratios. In
the film-cooling design by Colban et al. [17], two rows of cylin-
drical holes were arranged upstream of passage. The hole configu-
rations varied within the passage—either cylindrical holes or fan-
shaped holes. The fan-shaped holes show much higher
effectiveness and lower aerodynamic loss than the cylindrical
holes. Little benefit was seen from the cylindrical holes upstream
of the passage.

Upstream of the inlet guide vane, a gap commonly exists be-
tween the combustion chamber and the vane endwall. A similar
gap exists between the vane endwall and the rotor platform, en-
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suring the rotor can move freely. Coolant air is often expelled
through these gaps or slots to prevent hot mainstream gases from
entering the engine cavity. This coolant air has a secondary effect
of protecting the platform region. An early study by Blair [18]
showed that the film-cooling effectiveness for upstream slot injec-
tion varies greatly through the passage due to the secondary flows.
Many researchers, including Granser and Schulenberg [19], Roy
et al. [20], Burd et al. [21], Simon and co-workers [22,23], Zhang
and Jaiswal [24], Zhang and Moon [25], Wright et al. [26-28],
and Gao et al. [29], documented the characteristic of slot cooling
on endwalls or platforms. The studies showed that coolant from an
upstream slot reduces the secondary flows in the passage by in-
creasing the momentum of the boundary layer. The areas that are
typically difficult to cool, including the area near the leading edge,
can be cooled effectively with the upstream slot injection. The
heat transfer near the leading edge is reduced as well. The up-
stream slot configurations and flow conditions (such as vane pas-
sage vortex, etc.) influence the endwall film-cooling effectiveness.
Suryanarayanan et al. [30] investigated platform slot purge flow
cooling in a three-stage turbine rotating facility. They found that
the stator-rotor interaction has a significant impact on the platform
film-cooling effectiveness.

In order to provide adequate film coverage for the entire end-
wall or platform, an upstream slot cooling can be combined with
discrete-hole film cooling. Nicklas [31] measured the heat transfer
coefficients and film-cooling effectiveness on a nozzle guide vane
(NGV) endwall with the combined cooling scheme. The film-
cooling holes were concentrated on the entrance region of the
passage, so the trailing edge region is hardly cooled. In the design
of Wright et al. [32], the film holes were close to the throat region
of a blade platform. The entire platform is cooled at the cost of a
large amount of purge flow coolant consumption. Suryanarayanan
et al. [33] studied rotating platform film cooling by stator-rotor
purge flow combined with discrete-hole film cooling in the same
rotating facilities as Ref. [30]. The film-cooling holes in Refs.
[31-33] were all cylindrical holes.

Taking advantage of the slot purge flow cooling, this paper is
aimed to implement discrete-hole film-cooling designs within a
blade passage to provide complete film protection for the blade
platform. The leading edge region of the platform, which is hard
to be cooled by discrete holes, is cooled by slot purge flow. To
minimize the purge flow coolant, the downstream region of the
platform is cooled by discrete holes. The performance of cylindri-
cal holes and shaped holes are assessed in terms of film-cooling
effectiveness and total pressure loss. Taking the three dimensional
nature of the platform flow into account, different hole layouts on
the platform are also studied. Totally, four discrete-hole film-
cooling configurations (2 hole shapes X2 hole layouts) are in-
vestigated. Testing was done in a cascade with medium high Mach
number conditions. The freestream inlet and exit Mach numbers
are 0.27 and 0.44, respectively. The film-cooling effectiveness is
measured using pressure sensitive paint (PSP) techniques. The
total pressure on an exit plane of the cascade is measured with
Pitot tubes.

2 Experimental Facility

Figure 1 schematically shows the five-blade linear cascade with
a platform test section cooled by upstream purge flow and
discrete-hole film cooling. The same cascade facility was used by
Gao et al. [29] for the upstream purge flow cooling study. Some of
the important parameters of the cascade and mainstream flow con-
ditions are listed in Table 1. The inlet cross section of the test
section is 19.6 cm(width) X 12.7 cm(height,H) while the exit
cross section is 12.9 cm(width) X 12.7 cm(height). The top plate,
which acts as the shroud for the blades, was machined out of 1.27
cm thick acrylic sheets for optical access. The three middle blades
in the cascade have a span of 12.64 cm and an axial chord length
of 8.13 cm. The blades have a turning angle of 116.9 deg. The
blade-to-platform interface is 90 deg, i.e., there is no fillet at the
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Fig. 1 (a) Schematic of the cascade blade platform with up-
stream slot purge flow cooling and downstream discrete-hole
film cooling. (b) Definition of platform coordinates.

interface. A honeycomb mesh, 7.62 cm long with a cell size of
1.27 cm, is placed 1.78 m upstream of the blade passage to uni-
form the velocity distribution. Downstream flow periodicity is en-
sured by adjusting the cascade tailboards. The mainstream air is
supplied by a centrifugal compressor that can deliver a volume
flow rate up to 6.2 m>/s. The cascade inlet and exit velocities are
set to be 96 m/s and 156 m/s, corresponding to inlet and exit Mach
numbers of 0.27 and 0.44, respectively. The Reynolds number
based on the axial chord length and exit velocity is 750,000. The
overall pressure ratio (cascade inlet total pressure to exit static
pressure) is 1.14. Turbulence intensity and boundary layer thick-
ness were recorded 6.3 cm upstream of the middle blade. Turbu-
lence intensity, which was measured by a hot wire anemometer in
the center of channel, is 1.75% with integral length scale of 5 cm.
The boundary layer thickness, based on 99% of mainstream ve-
locity, is about 25 mm. A traversing plane, located 0.5C, down-
stream of the trailing edge, for the total pressure measurement is
also indicated in Fig. 1(a). The definition of the coordinate, which
will be used to present the data, is shown in Fig. 1(b).

2.1 Platform Film-Cooling Design. Gao et al. [29] showed
that the purge flow from the stator-rotor seal can be effectively
used to cool the upstream regions of the platform. Nonetheless,

Table 1 Cascade geometry and mainstream flow conditions

Cascade geometry

Blade span (cm) 12.64
Tip clearance (cm) 0.064
Axial chord length (cm) 8.13
Pitch (cm) 7.69
Aspect ratio (H/C,) 1.55
Leading edge diameter (mm) 4.8
Inlet area (cm?) 249
Exit area (cm?) 164
Inlet angle (deg) 50.5
Exit angle (deg) 66.4
Total turning angle (deg) 116.9
Convergence ratio 1.5

Mainstream flow conditions

Inlet Mach No. 0.27
Exit Mach No. 0.44
Re;, 465,000
Re,, 750,000
Pressure ratio (P,/ P) 1.14
Turbulence intensity 1.75%
Boundary layer thickness (cm) 2.5
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Fig. 2 Configuration of upstream labyrinthlike stator-rotor seal in Ref. [29]

the strong passage vortex sweeps the coolant off the platform; the
area downstream of passage vortex separation line is left unpro-
tected. In the current study, the same stator-rotor seal configura-
tion [29] is used to cool the upstream region of the platform. The
discrete-hole film-cooling design is implemented to cool the rest
area of the platform. Figure 2 shows the slot configuration. The
double-tooth labyrinthlike slot simulates a typical stator-rotor seal
in real engines. The seal consists of two parts, an upstream (stator)
part with round teeth and a downstream (rotor) part with sharp
teeth. The seal breaks at 0.076C, upstream of passage with a
breakout width of 1.02 cm. The downstream part of the slot is
inclined 20 deg to the platform surface with a throat width of 0.19
cm. The seal covers 1.5 pitches of passage. Coolant is supplied via
a coolant plenum underneath the purge slot. Detailed description
on the slot configuration can be found in Ref. [29].

Additional platform film cooling is provided by discrete holes.
Figure 3 shows the hole configurations. This paper is focused on
assessing the film-cooling performance from the shaped holes. To
serve this purpose, the designs with cylindrical holes are also
provided as baseline. The film-cooling holes in the current studies
are lined up with the freestream streamwise direction. Past studies
in the open literature have confirmed that the passage cross flow
sweeps the film coolant from pressure side to suction side. Studies
on the flat plates show that coolant from compound angle holes
covers wider area due to jet deflection. It is anticipated that the
passage cross flow would turn the coolant jet and a wider surface
area would be covered with the inline design. The film-cooling
holes are arranged on the platform with two layouts. With one
layout, the film-cooling holes are divided into two rows and more
concentrated on the pressure side of the passage. In the other
layout, the film-cooling holes are divided into fours rows and
loosely distributed on the entire platform. With the two film-hole
shapes and two layouts, four film-hole configurations are imple-
mented. Among the four configurations, Configurations A and B
have cylindrical holes; while Configurations C and D laidback
fan-shaped holes. Configurations A and C are arranged in two
rows, while Configurations B and D are arranged in four rows.
Sixteen film holes, inclined 30 deg to the platform surface, are
used in all configurations. The cylindrical holes have a diameter
(d) of 1.588 mm with a hole length of 8d. The laidback fan-
shaped holes are featured with a lateral expansion of 10 deg from
the hole axis and forward expansion of 5 deg into the platform
surface. The hole diameter in metering part (cylindrical part) of
the shaped holes is the same as that for the cylindrical holes. The
expansion starts at 4d, resulting in a cross sectional area ratio of
3.85 between the hole exit and hole inlet. For the two-row designs
(Configurations A and C), one row is located along the midpas-
sage line and the other row is located along a curve 6.35 mm
offset from the pressure side of the blade surface. There are eight
holes in each row. The first hole in each row is located at the axial
location x/C,=0.36. The hole to hole spacing along the curve is
about 4d. The four-row designs B and D are achieved by shifting
the alternative holes in Configurations A and C, respectively. Four

Journal of Turbomachinery

holes in the midpassage are shifted to the middle of midpassage
and suction side surface. Four holes offset of pressure side are
shifted to the middle of the two original curves. Due to the large
variation of pressure on the platform, it is hard to control the local
blowing ratios for the multiple holes with one common coolant
plenum chamber. In the current study, three coolant cavities are
used for the discrete holes. The coolant supplied to each cavity is
independently controlled by a rotameter dedicated to that cavity.
Cavity 1 feeds holes 1-4, cavity 2 feeds holes 5-11, and the rest
five holes are fed by cavity 3.

The coolant purge flow rate is generally considered as a per-
centage of the mainstream mass flow rate. From the previous
study [29], it is found that the film coverage and effectiveness
increase when the coolant mass flow ratio (MFR) increases from
0.25% to 1.0%. However, the increment in effectiveness is not

Config. A Config. C

Config. D
0o
—====- --
7 = > ’ﬁu
’4//6" ,/"34
Cylindrical hole Laidback fan-shaped hole

Fig. 3 Discrete hole configuration on platform
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significant from MFR=0.75% to MFR=1.0%. The strong passage
vortex lifts the coolant off from the platform resulting in a large
unprotected area in the downstream region of the platform. Fur-
ther increasing the coolant mass flow rate from the slot purge flow
may reduce the strength of passage vortex and increase the pro-
tected area on the platform. However, the coolant consumption
will substantially increase. Therefore, the mass flow ratio of
0.75% (equivalent to a blowing ratio of 0.33), which can suffi-
ciently cool the hard-to-cool leading edge region, is chosen in the
current study. The area, which is not protected by the purge flow
cooling, is expected to be cooled by the discrete-hole film cooling.
Four averaged blowing ratios are tested for the film holes, i.e.,
M=0.5, 1.0, 1.5, and 2.0. The average blowing ratios are defined
as M=(p.V.)/(p,V,,). The density ratio is 1 in the current study;
therefore, the mass flux ratio is reduced to velocity ratio. The local
mainstream velocity at film-hole locations is used as V,, in the M
calculation. V,, is obtained from P/P, where P is local static
pressure, measured by PSP; and P, is inlet total pressure, mea-
sured with Pitot tube. The nominal blowing ratio M=1.0 corre-
sponds to 0.54% of freestream flow at the inlet. The local blowing
ratio distribution will be discussed in the later part of this paper.

3 Film-Cooling Effectiveness Measurement Theory
and Data Analysis

Data for film-cooling effectiveness were obtained using the PSP
technique. PSP is a photoluminescent material that emits light
when excited, with the emitted light intensity inversely propor-
tional to the partial pressure of oxygen. This light intensity is
recorded using a charge-coupled device (CCD) camera. The im-
age intensity obtained from PSP by the camera during data acqui-
sition is normalized with a reference image intensity (I..;) taken
under no-flow condition. Background noise in the optical setup is
removed by subtracting the image intensities with the image in-
tensity obtained under no-flow conditions and without light exci-
tation (/). The resulting intensity ratio can be converted to pres-
sure ratio using a predetermined calibration curve and can be
expressed as

Iref_ Iblk :f( (POZ)air
I =Ty (Po,)ref

where I denotes the intensity obtained for each pixel and f(P )
is the relationship between intensity ratio and pressure ratio ob-
tained after calibration.

Calibration of the PSP system was performed using a vacuum
chamber at several known pressures varying from O atm to 1.8
atm. The same optical setup that was used during experiments was
chosen for calibration. The calibration curve is shown in Fig. 4.
PSP is also sensitive to temperature with higher temperatures re-
sulting in lower light emission. Hence, the paint was also cali-
brated at different temperatures. It is observed that if the emitted
light intensity at a certain temperature is normalized with the ref-
erence image intensity taken at the same temperature, the tem-
perature sensitivity can be minimized as shown in Fig. 4(b).
Hence, during experiments, the coolant was heated to the same
temperature as the mainstream air (approximately 35°C) before
supplying through the seal; the reference (I.;) and black ()
images were acquired immediately after stopping the mainstream
flow so that the test surface temperature did not change apprecia-
bly.

To obtain film-cooling effectiveness, air and nitrogen are used
alternately as coolant. Nitrogen, which has nearly the same mo-
lecular weight as that of air, displaces the oxygen molecules on
the surface causing a change in the emitted light intensity from
PSP. By noting the difference in partial pressure between the air
and nitrogen injection cases, the film-cooling effectiveness can be
determined using the following equation:

) zf(PraliO) (])
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Fig. 4 (a) PSP calibration at single reference temperature, and
(b) PSP calibration at corresponding reference temperature

Chix— Cair  Cair — Chix (POZ)air - (POZ)mix 2
7] = = =

CNZ - Cair Cair (POZ)air
where Cy;, Chix, and CN2 are the oxygen concentrations of main-
stream air, air/nitrogen mixture, and nitrogen on the test surface,
respectively. The definition of the film-cooling effectiveness in
Eq. (2) based on mass transfer analogy assumes similar form as
that of adiabatic film-cooling effectiveness given in

Tmix — Tm
(e (3)
The film cooled platform was coated with PSP using an air
brush. It was excited by a strobe light fitted with a narrow band-
pass interference filter (optical wavelength=520 nm). A flexible
dual fiber optic guide was used to get a uniform incident light
distribution on the test surface. Upon excitation, the PSP coated
surface emits light with a wavelength higher than 600 nm. A 12
bit scientific grade CCD camera (Cooke Sensicam QE with CCD
temperature maintained at —15°C using a two-stage Peltier
cooler), fitted with a 35 mm lens and a 600 nm long-pass filter,
recorded images. The filter mounted on the camera is chosen such
that it does not allow any reflected light from the illumination
source to pass through. The camera and the strobe light were
triggered simultaneously using a TTL signal from a function gen-
erator. A total of 200 TIF images were captured and ensemble-
averaged to get the individual intensities. The spatial resolution of
each image is 0.6 mm/pixel. A computer program was used to
convert these pixel intensities into pressure using the calibration
curve and then into film-cooling effectiveness.
Uncertainty calculations were performed based on a confidence
level of 95% and were based on the uncertainty analysis method
of Coleman and Steele [34]. Lower effectiveness magnitudes have
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Fig. 5 Pressure and Mach number distribution without coolant injection. (a) Pressure
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higher uncertainties. For an effectiveness magnitude of 0.3 or
larger, uncertainty is around *4.8% while for effectiveness mag-
nitude of 0.05, uncertainty is as high as =8%. This uncertainty
was the result of uncertainties in calibration (4%) and image cap-
ture (1%). Uncertainty for the pressure measurement was 3%;
uncertainty for the coolant mass flow rate was 4%.

4 Results and Discussion

4.1 Pressure Measurement on Platform and Local Blow-
ing Ratio Distributions. Prior to presenting the film effectiveness
data, the pressure and Mach number distribution on the platform
are examined and shown in Fig. 5. The pressure distribution is
represented by the ratio of local static pressure and inlet total
pressure. The local static pressure was measured by PSP while the
inlet total pressure was measured by Pitot tube placed upstream of
the cascade inlet. Eleven pressure taps were instrumented along
three curves on the platform to verify the PSP data. One curve is
offset of the blade pressure side by 10% of pitch distance, and the
other is offset of suction side by 10%. The third curve is along the
midpassage. The pressure and Mach number data obtained from
PSP measurement were extracted along three curves and com-
pared with pressure tap data. Pressure distribution along the mid-
span of the blade surface, measured by pressure taps, is also pre-
sented for comparison. It can be seen from the contour plot that
the static pressure near the pressure side is higher than that near

Journal of Turbomachinery

the suction side. This is the driving force of turbine work as well
as the passage cross flow. From the leading edge to the trailing
edge, the pressure gradually decreases; the mainstream flow is
accelerated; Mach number increases. It can be seen from the line
plots that the PSP data matched well with pressure tap data; the
maximum deviation between PSP data and pressure tap data is
less than 6%. Near the pressure side, the pressure on the platform
is very close to the pressure on the blade midspan. However, near
the suction side, the pressure on platform is higher than that on the
blade midspan. This results in a reduced driving force (pressure
differential between pressure side and suction side) near the plat-
form. It can be seen from Fig. 5(b) that the velocity near the
suction side on the platform is lower than the freestream velocity.

This nonuniform outer pressure distribution affects purge flow
distribution along the slot as well as the local blowing ratio dis-
tribution from the discrete holes. Based on the pressure differen-
tial between the total pressure inside the plenums and static pres-
sure on the surface, the local coolant flow is calculated. The purge
flow distribution, discussed by Gao et al. [29], is shown in Fig.
6(a). From the suction side to the pressure side along the purge
slot, the outer pressure increases and the local coolant mass flow
rate decreases. The high outer pressure near the pressure side of
the passage prohibits the coolant exiting from this region. Detailed
discussion on the purge flow distribution can be found in Ref.
[29]. The local blowing ratio for the discrete holes is defined as
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Fig. 6 (a) Local coolant mass flow rate distribution along the purge slot [29], (b) dis-
charge coefficient distribution, (c) local blowing ratio distribution for Configuration A,
and (d) local blowing ratio distribution for Configuration B

Miocai=PcVejocal! Pm V- Same as in the definition of M, V,, is the
local mainstream velocity near the film-cooling holes. Whereas
Ve 1ocar 18 the actual coolant velocity from the film-cooling hole. To
obtain the actual coolant mass flow rate from each hole, the dis-
charge coefficient Cp, is calculated by

Cp =g/ Zd

el Nl
e Pt,cav (y - I)RTr P

)

The total pressure inside the coolant cavity P,.,, was measured
with pressure taps instrumented on the plenum cavities. The dis-
charge coefficient Cp is assumed to be constant for all holes in the
cavity for a given average blowing ratio M. It should be noted that
the constant assumption of Cp may not be true as Cp depends on
not only the geometry but also the external and internal flow con-
ditions. It is assumed that the deviation in the discharge coeffi-
cients from hole to hole is not significant and hence an average
value can be used without introducing a significant error. Once the
Cp for a given M is determined, the coolant velocity from each
hole is calculated and the local blowing ratio for the hole is com-
puted. It can be seen from Fig. 6(b) that the discharge coefficients
increase with M, but the gradient gradually reduces. The values of
Cp are about the same for Configurations A and B at a given M.
As shown in Figs. 6(c) and 6(d), the local blowing ratio distribu-
tion in the first cavity has a larger variation than the other two.
The local blowing ratios for the holes in cavity 2 or cavity 3 are
close to each other. The multiple coolant supply cavity helps to
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control the local blowing ratios. The difference in local blowing
ratios for Configurations A and B is small.

4.2 Film-Cooling Effectiveness on Platform. Film-cooling
effectiveness measurements were done for the four hole configu-
rations. As stated earlier, a typical coolant mass flow ratio
(MFR=0.75%) is chosen for the slot purge flow, while the aver-
age blowing ratios for the downstream discrete holes vary from
M=0.5-2.0.

Before considering the realistic cooling schemes of combined
purge flow cooling and discrete-hole film cooling, the isolated
effects from discrete holes are understood first. Figure 7 shows the
film-cooling effectiveness distribution for Configurations A and C.
Some common features of platform film cooling are observed re-
gardless of hole shapes. It is clear that the coolant is deflected to
the suction side of passage by the cross flow within the passage.
From the leading edge to the trailing edge, the deflection reduces.
Increasing the blowing ratio, the jet momentum increases, result-
ing in less jet deflection. Due to the jet deflection, the jets from
holes 1 and 3 are unable to impinge to the blade pressure surface.
Therefore, the junction area between the platform and the blade
pressure side is unprotected by the film cooling. The coolant from
upstream holes extends to the downstream region. With the up-
stream coolant accumulation, the film-cooling effectiveness in the
downstream region is higher than that in the upstream region. At
M =0.5, the pressure inside the plenum chamber is relatively low.
The coolant is prohibited ejecting through holes 1, 3, and 5, where
the outer pressure is high. In this case, the mainstream ingestion
may occur to the three holes. On the other hand, more coolant
ejects from holes 2 and 4 and results in a higher local blowing
ratio for these two holes. Therefore, the jets from holes 2 and 4 lift
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Fig. 7 Film-cooling effectiveness distribution on platform with discrete holes. (a) Configuration A and (b) Configuration C.

off from the surface and quickly mix with mainstream. It should obtained if one more hole is added upstream of holes 1 and 2.

be noted that the effectiveness reduction from holes 2 and 4 may Figure 9 shows the film effectiveness contour for Configuration
be also caused by the mixing between ingested air (from holes 1,  B. The film-cooling holes are widely distributed over the platform
3, and 5) and coolant inside the cavity. Comparing Figs. 7(a) and  surface with this configuration. In terms of film coverage, Con-
7(b), it can be seen that the shaped holes offer a larger film cov-  figuration B has slightly less coverage than Configuration A. Be-
erage and higher effectiveness magnitude. The best film-cooling cause the alternative holes are shifted toward the suction side, the
effectiveness for cylindrical holes is obtained at M=1.0. Further jet deflection causes a slightly larger uncovered area near the pres-

increase in M (M=1.5 and 2.0) results in jet penetration to the

mainstream and reduces the effectiveness level. For the shaped

holes, the film effectiveness increases with the increase in average |
blowing ratio. The hole exit area is enlarged for the shaped holes; n 0 01 02 03 04 05 0.6 07
consequently, the jet momentum reduces. The coolant jet is easier
to stay close to the surface with low momentum jet. In addition,
the jets from the shaped holes are more deflected than the cylin-
drical holes with the relatively low momentum. The wider coolant
trace from the shaped holes also benefits from the enlarged hole
breakout area.

The previous study [29] shows that a large area of the passage
is left unprotected when the platform is only cooled by the up-
stream purge flow cooling. The addition of the discrete holes
should help alleviate this problem. Figures 8—11 show the detailed
film-cooling distributions for the cases of combined purge flow
cooling with discrete-hole film cooling.

Figure 8 is film effectiveness contour for Configuration A.
Combined with the two cooling schemes (slot purge flow cooling
and discrete-hole film cooling), the film coverage on the platform
is much improved. Due to the large turning angle of the blade
(116.9 deg), the passage vortex is very strong. The flow field near
the endwall region downstream of the separation line of the pas-
sage vortex is barely influenced by the purge flow ejection. There-
fore, the downstream discrete-hole film cooling is almost unaf-
fected by the upstream purge flow. In other words, the isolated
effect from the purge flow and discrete-hole film cooling can be
simply superimposed to achieve the film effectiveness for the
combined film cooling. Similar to the case of discrete-hole film
cooling alone, the best effectiveness for this configuration is ob-
tained at M =1.0. Further increase in M will cause jet lift-off. The  Fjg. 8 Film-cooling effectiveness on platform with combined

MFR=0.75%, M=0.5 MFR=0.75%, M=1.0

MFR=0.75%, M=1.5 MFR=0.75%, M=2.0

upstream coolant accumulation results in better film-cooling effec-  slot film cooling and discrete-hole film cooling (Configuration

tiveness on the downstream regions. Better film coverage may be  A)
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Fig. 9 Film-cooling effectiveness on platform with combined
slot film cooling and discrete-hole film cooling (Configuration
B)

sure side of the passage. Due to the rearrangement of the hole
location, the local blowing ratio for each holes is changed a little
bit. Consequently, the effectiveness for the individual hole is var-
ied slightly. On the whole, the film-cooling effectiveness levels for
the two configurations (A and B) are very comparable. The effect
of blowing ratio on the film effectiveness is the same. It should be

n I

0 01 0.2 03 04 05 06 0.7

MFR=0.75%, M=0. MFR=0.75%, M=1.0

MFR=0.75%, M=1.5 MFR=0.75%, M=2.0

Fig. 10 Film-cooling effectiveness on platform with combined
slot film cooling and discrete-hole film cooling (Configuration
9]
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Fig. 11 Film-cooling effectiveness on platform with combined
slot film cooling and discrete-hole film cooling (Configuration
D)

mentioned that local high effectiveness close to the front part of
the suction side is a measurement error resulting from the epoxy
glue. The true effectiveness value at this location should be simi-
lar to that in Fig. 8.

Figure 10 shows the film-cooling effectiveness for Configura-
tion C. The film coverage and film effectiveness level for Con-
figuration C are much improved over Configuration A, particu-
larly at higher average blowing ratios. Again, the film-cooling
characteristics that appeared in Fig. 7(b) are also observed in this
figure. The film-cooling effectiveness increases with increase in
blowing ratio. Film coverage from offset PS row extends closer to
the pressure side. Close to the suction side of the blade, there is a
sharp decrease in effectiveness. This implicates the strong horse-
shoe vortex (of suction side leg) and corner vortex entraining the
coolant away from the platform surface.

Figure 11 shows the film effectiveness for Configuration D. The
film coverage is reduced when compared with Configuration C.
Close to the suction surface of the passage, the local effectiveness
increases. The film effectiveness from the four rows of film holes
are not as evenly distributed on the platform as from Configura-
tion C. From the above effectiveness contours, it is perceived that
the varying arrangement of the film holes may result in com-
pletely different effectiveness distribution. Due to the complex
three dimensional nature of the platform secondary flow, it is of
importance to strategically lay out the film-cooling holes on the
platform.

Figure 12 shows the effect of blowing ratio on the laterally
averaged film-cooling effectiveness. The laterally averaged film-
cooling effectiveness for the case purge flow cooling only [29] is
also presented (in black solid lines) as reference. The data repeat-
ability is proven from the overlaps of the spanwise averaged ef-
fectiveness data resulted from the upstream purge flow. The film-
cooling effectiveness on the downstream of the platform from the
purge flow alone is negligible. With the discrete-hole film cooling,
the film-cooling effectiveness in the downstream region increases
significantly. For the cylindrical holes (Configurations A and B),
the best film-cooling effectiveness is obtained at M=1.0. The ef-
fectiveness for M=1.5 and M=2.0, which is slightly lower than
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Fig. 12 Laterally averaged film-cooling effectiveness (effect of
blowing ratio)

M=1.0, are comparable. For the shaped holes (Configurations C
and D), the film-cooling effectiveness increases with the increase
in averaged blowing ratio. From M =1.5 to M=2.0, the increment
is not significant.

Figure 13 shows the effect of hole configurations on laterally
averaged film-cooling effectiveness. At low blowing ratio M
=0.5, the film-cooling effectiveness from the four hole configura-
tions are comparable. The advantage of shaped holes becomes
evident when the averaged blowing ratio increases. At M=1.5 and
2.0, the spanwise averaged film-cooling effectiveness from the
shaped hole is substantially higher than that from the cylindrical
holes. The difference in spanwise averaged effectiveness resulting
from the different layouts is subtle. The two-row layout presents
slightly better averaged effectiveness than the four-row.

4.3 Total Pressure Loss Measurement. The total pressure
loss was measured on an exit plane at an axial distance of 0.5C,
downstream of trailing edge. The location of the traversing plane
was indicated in Fig. 1. An array of eight Pitot tubes, with a
diameter of 2.38 mm (3/32 in.), was placed spanning 1.5 pitches.
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Fig. 13 Laterally averaged film-cooling effectiveness (effect of
hole configuration)
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Fig. 14 Traversing plane for total pressure measurement

The film cooled platform is located in the passage with negative y
values. The Pitot tubes traversed ten positions and crossed 40% of
the span from the hub. The matrix of probe locations is show in
Fig. 14. The pressures were recorded with a 48-channel Scani-
valve System coupled with LABVIEW software. The total pressure
maps on the exit plane were measured for the cooled and un-
cooled platforms. The exit total pressure is normalized with the
inlet total pressure (7w=P,q/P,;,) to evaluate the aerodynamic
losses. The inlet total pressure was measured upstream of the
purge slot by means of a Pitot tube.

It can be seen from Fig. 15 that the dominant loss is generated
by the passage vortex. The loss core is located at 30% of the span
approximately for the uncooled platform. The loss core is slightly
raised up and shifted away from the suction side with the purge
flow ejection. The purge slot ejection (MFR=0.75%) produces a
wider wake with more losses.

Since the cooling hole layouts do not show a significant impact
on the spanwise averaged film effectiveness and the hole shapes
present substantial difference, it is deemed that the alteration of
flow field from the hole layout is little. Therefore, only Configu-
rations A (cylindrical holes) and C (shaped holes) are assessed for
the total pressure loss with combined film-cooling scheme. Figure
16(a) shows the total pressure loss maps with the platforms cooled
by both purge flow and discrete-hole ejection (Configuration A).
Compared with Fig. 15(b), the wake from the passage vortex is
further broadened with the additional coolant ejection from cylin-
drical holes. The total pressure loss is increased. After leaving the
film holes, the coolant interacts with the mainstream. The interac-
tion between the coolant jets and mainstream causes mixing loss.
Figure 16(b) shows the total pressure maps for Configuration C.
With this configuration, the wake from the passage vortex be-
comes smaller, comparable to that in Fig. 15(b) (purge flow ejec-
tion only) with much reduced loss from passage vortex. The loss
associate with the boundary layer is also reduced. Due to de-
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Fig. 15 Total pressure distribution at the cascade exit. (a) No
coolant ejection. (b) Coolant ejection from purge slot.
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Fig. 16 Total pressure distribution at the cascade exit for coolant ejection
with purge flow combined with discrete holes. (a) Configuration A and (b)

Configuration C.

creased jet momentum, the coolant from the shaped holes tends to
stay attached to the platform surface. This may reduce the bound-
ary layer separation, which is a major contribution to the bound-
ary layer loss. The losses associated with discrete-hole ejection
seem insensitive to the blowing ratios.

5 Conclusions

An experimental study was undertaken to measure the film-
cooling effectiveness and total pressure loss on a turbine blade

041004-10 / Vol. 131, OCTOBER 2009

platform within a five-blade linear cascade. The platform is cooled
by purge flow from a typical stator-rotor seal combined with
discrete-hole film cooling. Pressure sensitive paint was used to
measure the film-cooling effectiveness. The purge flow through
the seal is fixed at MFR=0.75%. Cylindrical holes and shaped
holes are employed in the film-cooling design. The holes are laid
out four rows or two rows on the platform. The average blowing
ratios for the discrete holes are varied from 0.5 to 2.0. Results
show that the platform can be effectively cooled with stator-rotor
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purge flow combined with the downstream discrete-hole film
cooling. The shaped holes provide wider film coverage and higher
effectiveness than the cylindrical holes. The effectiveness for the
shaped holes increases with increase in the average blowing ratio
(M=0.5-2.0), whereas an optimal blowing ratio of 1.0 exists for
the cylindrical holes. The two-row or four-row layout does not
show much difference in spanwise averaged effectiveness. How-
ever, the local effectiveness distribution, which will determine the
thermal stress, hotspots, etc., is definitely dependent on the layout.
It is of importance to strategically arrange film holes on platform.

The shaped holes also exhibit lower total pressure loss.
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Nomenclature
C = oxygen concentration
Cp = discharge coefficient
C, = axial chord length of the rotor blade (8.13 cm)
d = diameter of the film-cooling hole (mm)
H = cascade height (12.7 cm)
I = pixel intensity of an image
m, = coolant mass flow rate for purge flow (kg/s)
MFR = mass flow ratio of slot purge flow (percentage
of mainstream mass flow rate)
M = average blowing ratio for discrete film holes
P = local static pressure (Pa)
PS = abbreviation for “pressure side”
P, = total pressure (Pa)
Po, = partial pressure of oxygen (Pa)
S = blade pitch (cm)
SS = abbreviation for “suction side”
T = temperature (°C)
x = axial distance measured from the blade leading
edge (cm)
y = pitchwise distance measured from the suction
side (cm)
z = spanwise distance measure from the platform
(cm)
V. = average coolant velocity (m/s)
V,, = mainstream velocity (m/s)
n = local film-cooling effectiveness
7 = laterally averaged film-cooling effectiveness
m = total pressure ratio (=P, ¢,/ P, ;)
pe. = density of coolant (kg/m?)
pm = density of mainstream air (kg/m°>)
Subscript
air = mainstream air with air as coolant
blk = image without illumination (black)
¢ = coolant
ex = exit of cascade
in = inlet of cascade
m = mainstream
mix = mainstream air with nitrogen as coolant
ref = reference image with no mainstream and cool-
ant flow
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Heat Transfer Coefficients of Film
Cooling on a Rotating Turbine
Blade Model—Part |: Effect of
Blowing Ratio

Experimental investigations were performed to measure the local heat transfer coefficient
(hy) distributions of film cooling over a flat blade under both stationary and rotating
conditions. Film cooling was via a straight circular hole of 4 mm in diameter located in
the middle section of the blade angled 30 deg along the streamwise direction and 90 deg
along the spanwise direction. The Reynolds (Rep) number based on the mainstream
velocity and the film hole diameter was fixed at 3191, and the rotating speed (w) was
either 0 rpm or 800 rpm; the film cooling blowing ratios ranged from 0.4 to 2.0, and two
averaged density ratios of 1.02 and 1.53 were employed with air and carbon dioxide
(CO,) as the coolant, respectively. Thermochromic liquid crystal was used to measure the
solid surface temperature distributions. Experimental results showed the following: (1) In
the stationary case, the blowing ratio has a significant influence on the nondimensional
heat transfer coefficient (hy/ hy) especially in the near hole region. (2) The film trajectory
in rotation had an obvious deflection in the spanwise direction, and the deflection angles
on the suction surface are larger than those on the pressure surface. This was attributed
to the combined action of the Coriolis force and centrifugal force. (3) In the rotating
case, for CO; injection, the magnitude of heat transfer coefficient on the pressure surface
is reduced compared with the stationary case, and the blowing ratio has smaller effects
on h,/hy distribution. However, on the suction surface, the heat transfer coefficient at
x/D <1.0 is enhanced and then rapidly reduced to be also below the stationary values.
For air injection, rotation also depresses the h,/h for both the pressure and the suction
surface. (4) The density ratio shows a considerable effect on the streamwise heat transfer

coefficient distributions especially for the rotating cases. [DOL: 10.1115/1.3068329]

1 Introduction

For modern gas turbine engines, the turbine inlet temperatures
may be much higher than the melting temperatures of the blade
materials. Therefore, various cooling methods are used on the
turbine blades to keep the working temperature within a safety
limit. Among the cooling techniques, film cooling is widely used
to protect the turbine blades from hot gas thermal deterioration. In
the case of film cooling, the coolant is injected from the discrete
holes into the mainstream boundary layer and generates a thin
coolant film acting as a buffer to reduce the thermal loads. Film
cooling performance is usually characterized by two parameters,
the adiabatic film cooling effectiveness and the heat transfer co-
efficient. To better understand the physical mechanism and to op-
timize the design of film cooling, a considerable number of stud-
ies have been conducted during the past 4 decades. A
comprehensive compilation of the available results was summa-
rized by Han et al. [1]. A brief review of relevant experimental
works is given below for easy reference.

In the earlier studies, Eriksen and Goldstein [2] indicated that
the heat transfer coefficient with film cooling was lower than that
without injection because the cooling air thickened the boundary
layer. However, this conclusion seemed only to prevail in the
cases of low blowing ratios. Later, Hay et al. [3] pointed out that
there was an enhancive trend of i/ h with the increase in blow-
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ing ratio so that a maximum value of /;/hy reached around M
=1.35 for the case with an inclination angle of 35 deg.

Lloyd and Brown [4] reported that the short injection holes
could give rise to greater heat transfer coefficients than the longer
ones, and this conclusion was confirmed by Andrews et al. [5].
Makki and Jakubowski [6] investigated the downstream heat
transfer results for film holes, which had the trapezoidal cross
sections diffused in the direction of the mainstream flow. Hyams
and Leylek [7] reported that the heat transfer coefficients for a
film hole with a laterally diffused exit, a hole with a forward
diffused exit, and a standard cylindrical hole were slightly el-
evated for the cases of M=1.25 and DR=1.6 as compared with
that without injection. The highest heat transfer coefficients were
found downstream of the laterally expanded hole, and nearly the
same distributions were found downstream of the cylindrical and
forward expanded holes.

Among the film cooling researches in publication, the thermo-
chromic liquid crystal (TLC) technique was widely used. Ekkad
et al. [8] investigated the effect of mainstream turbulence on the
detailed distributions of adiabatic effectiveness and heat transfer
coefficient on a cylindrical leading edge model using a transient
liquid crystal image method. They found that the heat transfer
coefficients increased with the augmentation of blowing ratio, but
the adiabatic effectiveness reached a peak value at M=0.4.

Ou and Rivir [9] employed a transient liquid crystal image tech-
nique to obtain the film cooling effectiveness and heat transfer
coefficient distributions on a large scale symmetric circular lead-
ing edge with three rows of film holes. Yu et al. [10] conducted an
experimental study focusing on the effects of diffusion hole ge-
ometry on overall film cooling performance with the blowing ra-
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tios of 0.5 and 1.0. By using the transient liquid crystal technique,
the local distributions of both adiabatic effectiveness (7) and heat
transfer coefficient (hf) were measured. They found that the film
hole with combined forward and lateral diffusion produced a sig-
nificant increase in # and decrease in hy as compared with the
straight circular hole with 30 deg inclination angle. Yuen and
Martinez-Botas [11] performed an experimental study to measure
the heat transfer coefficient (i) for single jets with streamwise
angles of 30 deg, 60 deg, and 90 deg with a short but engine
representative hole length (L/D=4). As a further study, Yuen and
Martinez-Botas [12] reported the heat transfer characteristics for a
row of round holes, which were measured on the same experimen-
tal equipment. In their experimental works, the TLC technique
was also employed to obtain the heat transfer distributions.

Although extensive research has been carried out on various
aspects of film cooling, little work was available in the open lit-
erature about the experimental study of the rotation effects, and
this may be due to the great difficulties associated with the experi-
ments. Abhari and Epstein [13] gave their effort to the studies of
the time-resolved heat transfer for cooled and uncooled rotors by
thin heat flux gauges. Their findings showed that the film cooling
reduced the time-averaged heat transfer compared with the un-
cooled rotor on the blade suction surface by as much as 60% but
had relatively little effect on the pressure surface.

The present research aims to experimentally investigate the ef-
fects of rotation to film cooling at different blowing ratios with a
rotating heat transfer test rig, and to the best of the authors’ knowl-
edge, no similar work exists in the open literature. As the start of

Three-stage screw
compressor

Pressurizer tank Filter

Schematic view of the test rig

a series of research work, a blade with a simple flat test surface
with a cylindrical film hole was employed to eliminate the influ-
ences of film hole geometry, curvature, etc. The wideband ther-
mochromic liquid crystal technique was used in the rotating ex-
periment to measure the film-cooled surface temperature.

2 Experimental Apparatus and Procedure

2.1 Test Rig. Experiments were carried out in the rotating
heat transfer test rig at the National Key Laboratory on Aero-
Engines, Beihang University, China. A schematic of the test rig is
shown in Fig. 1, and it consists of four parts: the air supply sys-
tem, the telemetering data acquisition system, the rotating test
section, and a 30 kW electric motor for power. For the air supply
system, the air was delivered by a three-stage screw compressor
and then led to a pressurized tank. The mainstream air and the
coolant were extracted from the tank independently. The mass flux
of the mainstream was controlled by valves and measured by a
thermal flowmeter, and just before the mainstream inlet, a 30 kW
electric heater with a feedback regulator was installed, enabling a
maximum temperature of 333.15 K at the maximum mass flow
rate of 0.2 kg/s. The cooling air from the pressurized tank was
controlled by valves and measured by a suspended body flowme-
ter. In the experiment, the CO, was also used as the coolant to
provide a different density ratio. On the test rig a telemetering
instrument was installed to transfer measuring temperature signals
between the rotating frame and the stationary. A carbon brush-
copper collar device was fixed to conduct the current from the
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electic power into the heating plate. The test section was conical,
and the flat blade was placed along the radial direction (see Fig.
1). The rotating section was driven by a 30 kW electric motor to
reach the operating rotating speed.

2.2 Flat Blade. Figure 2 illustrates the configuration of the
flat blade for the current study. The blade was made of Bakelite,
which had better thermal resistance and insulation characteristics.
The thermal conductivity was k=0.28 W/m K. The front section
of the blade is a circular arc to simulate the flow over the blade
tip. The test region on the blade was flat with a cylindrical film
hole on it. The hole had a diameter of D=4 mm and a length-to-
diameter ratio of L/D=5.75. It was located in the middle of the
blade angled 30 deg along the streamwise direction and 90 deg
along the spanwise direction. The rotational radius of the film hole
was 450 mm. Since the test section was flat, which was different
from the real turbine blade, the pressure surface and suction sur-
face in this study were obtained by means of setting opposite
rotating directions of the test rig. A two layer composite heating
plate, which was 86 mm wide X 52 mm long X3 mm thick,
was adhered immediately downstream of the injection hole to fa-
cilitate the investigations of heat transfer coefficient. The upper
layer of the plate was a heating sheet made of a special plastic.
The carbonous slurry was sprayed homogeneously on the plastic
to ensure a uniform heat flux distribution. Two sheets of conduc-
tive silver paste were brushed on both ends of the heating plate as
the electrodes. The heating plate was powered by a direct current
supply. An asbestine sheet with good insulation characteristic was
underneath the heating sheet, and it had a thermal conductivity of
k=0.08 W/m K. To measure the temperature distributions over
the heating plate, the wideband thermochromic liquid crystal was
sprayed onto the heating plate, and it had a color-changing tem-
perature ranging from 30°C to 60°C.

2.3 Data Acquisition System. Figure 3 shows the data acqui-
sition system for the present study. A stroboscopic tachometer was
used to measure the rotating speed. The mass flow rates of main-
stream and coolant were recorded, respectively, by means of an
electric flowmeter and a suspended body flowmeter. Two T-type
(copper-constantan) thermocouples were located upstream of the
blade to measure the mainstream temperature. Prior to the experi-
ment, the thermocouples were calibrated in a constant thermal
bath with a precise platinum resistance thermometer. The coolant
temperature was measured by a T-type thermocouple at the injec-
tion hole entrance of the blade chamber, and its pressure was
obtained from an electric manometer. The mainstream and coolant
temperatures measured by the thermocouples were transmitted
through the telemetering instrument to the stationary receiver. All
the signals measured by the thermocouples and the electric flow-
meter were finally transferred to a computer for data acquisition.
The temperature distributions on the test surface were obtained by
using TLC. And a stationary charge coupled device (CCD) camera
was used to capture the TLC images. The camera had a built-in

Journal of Turbomachinery

flash and was fixed in front of the test section without rotating, as
shown in Fig. 1. In order to capture the images accurately, a syn-
chronous control system was used to trigger the camera and the
flash at the right moment.

2.4 Thermochromic Liquid Crystal Calibration. The
steady-state hue capturing technique was adopted in the present
study. To reveal the relationship between the hue values of the
color image and the temperatures, a calibration experiment was
performed on the actual test surface without the cooling film in-
jection. Considering the working range of the TLC, the surface
temperatures were maintained from 35°C to 60°C with a 1°C
increase each step in the calibration experiment, and four cali-
brated K-type thermocouples with an accuracy of +=0.33°C were
mounted on the test surface to measure the temperatures. During
the calibration experiment, when the surface temperature and
color were stabilized, the image of the TLC was captured by a
CCD camera and the corresponding temperatures measured by the
thermocouples were recorded by an Adam4018 module. After the
calibration experiment, the images captured by the CCD camera
were converted from RGB to HSI format, and the corresponding
averaged temperatures were calculated from the four thermo-
couples. Figure 4 illustrates the fitted polynomial curve of the
hue-temperature calibration, and a polynomial to the power of 10
was used.

2.5 Operating Conditions and Experimental
Uncertainties. A complete set of the operating conditions in the
present study is given in Table 1. The measured mass flow rates
were varied from 300 kg/h to 700 kg/h for mainstream and from
0 m3/h to 1 m3/h for the coolant. A honeycombed section was
installed in front of the test blade to straighten the flow and deliver
an adequately uniform flow field. At the coolant inlet, the hole
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Table 1

Operating conditions

Mainstream temperature
Coolant temperature
Reynolds number Rep,
Rotation number Rt
Blowing ratio M
Density ratio DR

313.15-315.15 K
306.15-307.15 K
3191
0, 0.0249 (800 rpm)
0.4-2.0
1.01-1.03 (air), 1.52-1.54 (CO,)

Mainstream
iy
X O
<l
L 4 A _
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' -
o
)
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Fig. 5

Coordinate system

length was 5.75D, which would be long enough for the cooling air
to be fully developed. In the experiment, the rotating speed is
either 0 rpm or 800 rpm.

Following the method of Kline and McClintock [14], the maxi-
mum experimental uncertainty of the dimensionless heat transfer
coefficient h,/hg is =10.8%.

3 Results and Discussion

Figure 5 illustrates the coordinate system employed in the
present study. The x-axis is along the mainstream direction, the
y-axis is normal to the test surface, and the z-axis conforms to the
right-hand law. The origin is located at the downstream tip of the
film hole.

3.1 Contour Plots. Figures 6-9 show the contours of the non-
dimensional heat transfer coefficient /,/hy with CO, and air in-
jection. The particular cases shown here are Rt=0 and 0.0249 and
M=0.6, 1.0, and 1.6.

3.1.1 Rotating Effects. Figure 6 reveals the rotating effects on
the distributions of the nondimensional heat transfer coefficient
hy/ hy for both CO, and air injection with a constant blowing ratio
of M=1.0. Figure 6(1) clearly shows the effects of rotation when
we compare the stationary case of Fig. 6(1)(a) with the rotating
cases of Fig. 6(1)(b) and Fig. 6(1)(c), and a significant deflection
of coolant trajectory could be observed under rotation. Under ro-
tating condition, the flow characteristic of coolant is governed by
three additional forces, i.e., the centrifugal force, the Coriolis
force, and the buoyancy force. The buoyancy force, however, can
be neglected in the present study due to the small temperature
difference between the mainstream and coolant. The main influ-
encing factors are the centrifugal and the Coriolis forces, and they
will push the coolant in the spanwise direction and lead to asym-
metry of the flow downstream and cause the different character-
istics of the heat transfer process.

In Fig. 6(1)(b) and Fig. 6(1)(c), it could be concluded that at the

0 2 XD 4 6
(@) k=0 (b) Rr=0.0249, suction surface (¢) R=0.0249, pressure surface
(1) CO; injection (1) CO; injection (1) CO; injection

(a) Re=0

(2) Air injection

(b) Rt=0.0249, suction surface
(2) Air injection

(¢) Rt=0.0249, pressure surface

(2) Air injection

Fig. 6 Distributions of nondimensional heat transfer coefficient hy/h, with rotating effect, M=1.0

041005-4 / Vol. 131, OCTOBER 2009

Downloaded 28 May 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm

Transactions of the ASME



(a) M=0.6

(D) Re=0 (1) R=0

(b) M=1.0

19
1.85
18
175
17
1.65
16
1.55
15
1.45
14
135
13

(c) M=1.6
(1) R=0

(a) M=0.6
(2) Rr=0.0249, Suction surface

(a) M=0.6
(3) Rr=0.0249, Pressure surface

(b) M=1.0
(2) Rr=0.0249, Suction surface

(b) M=1.0
(3) Rr=0.0249, Pressure surface

() M=1.6
(2) Rr=0.0249, Suction surface

(c) M=1.6
(3) Rr=0.0249, Pressure surface

Fig. 7 Distributions of nondimensional heat transfer coefficient hy/hy with blowing ratio effect for CO, injection

same blowing ratio the deflection on the suction surface is more
evident than that on the pressure surface. This is mainly due to the
action of the Coriolis force. It is well known that on the suction
surface both the centrifugal force and the Coriolis force point to
the high-radius location. However, on the pressure surface, the
Coriolis force points to the low radius, which is opposite to the
centrifugal force. Therefore, the Coriolis force tends to weaken
the deflection of the film trajectory on the pressure surface but to
strengthen it on the suction surface. Similar conclusions could
also be found in Fig. 6(2), which shows the contours of /1,/h, with
air injection at Rr=0 and 0.0249.

3.1.2 Blowing Ratio Effects. In the experiment, the effects of
the coolant to mainstream flux ratio on film cooling performance
were investigated, and the blowing ratios used are 0.6, 1.0, and
1.6. Figure 7 shows the h,/hy contours with CO, as the coolant.
From this figure it can be seen that in the stationary case (see Fig.
7(1)) the blowing ratio performs negligible influence on the dis-
tributions of &,/ hy. However, the obvious variations in /1,/ h only
occurs near the hole region, that is, x/D=0-2, as the blowing

Journal of Turbomachinery

ratio varies. In the rotating case of Rr=0.0249, shown in Fig. 7(2)
and Fig. 7(3), with the increase in blowing ratio the deflection
angle of film trajectory on the suction surface has no obvious
change. However, on the pressure surface, the deflection angle of
coolant decreases a little. This might be because the Coriolis force
is enhanced with the increase in blowing ratio, which could re-
duce the coolant deflection on the pressure surface.

Figure 8 shows the contours of the blowing ratio effect on
hg! hy with air injection, and they presented similar characteristics,
as shown above for the CO, case.

3.1.3 Density Ratio Effects. Figure 9 shows the contours of
hg! hy with different coolants at Rr=0 and 0.0249. The blowing
ratio is maintained at M=1.0. From the contours in Fig. 9 we
could find that, in the stationary case, the influence of density ratio
on heat transfer coefficient distributions is unobvious at the same
blowing ratio. However, the h,/h values are changed with the
variation in density ratio, especially on the pressure surface at
R1=0.0249 shown in Fig. 9(3)(a) and Fig. 9(3)(b). This indicates
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Fig. 8 Distributions of nondimensional heat transfer coefficient h,/h, with blowing ratio effect for air injection

that the density ratio does not provide a significant influence on
the film trajectory but performs an evident effect on the h,/h
values.

3.2 Nondimensional Streamwise Heat Transfer
Coefficient. Figure 10 presents the profiles of nondimensional
streamwise heat transfer coefficients for the stationary cases. Lo-
cal heat transfer coefficients are averaged over £0.5D in spanwise
and plotted against the normalized axial distance x/D. The blow-
ing ratio varies from 0.4 to 2.0, varying with a step of 0.2, and the
cooling air used here are CO, and air. Figure 10(a) presents the
results of h,/hy with CO, injection.

In Fig. 10(a), it can be seen that the overall trend of /,/h
versus x/D is that it decreases with increasing dimensionless axial
distance from the jet hole, and this is mainly due to the gradual
dissipation of the coolant jet along its path. The exceptions are for
the low blowing ratio cases for M =0.8 where the heat transfer
coefficient experiences a region of increase right after the hole.
This may be due to the cooling film flow transition from laminar
to turbulent. For low blowing ratio cases, the cooling jet remains

041005-6 / Vol. 131, OCTOBER 2009

attached to the surface, and the interaction with the mainstream
rapidly leads the film into a state of transition. The region of heat
transfer coefficient increase corresponds to the region of flow
transition.

Figure 10(a) also shows that the heat transfer coefficient is
enhanced by the blowing ratio because of the increase in turbu-
lence caused by the coolant jet-mainstream interaction. This is
typical and is in agreement with all earlier studies [3,8]. However,
an interesting point is that /1,/hy does not increase monotonously
with the blowing ratio, and there is a maximum at M =1.4 for our
tests. Below this value, the heat transfer coefficient increases with
the increase in blowing ratio, while, above this blow ratio, the heat
transfer coefficient starts to decrease with blow ratio increase. We
consider this phenomenon as the result of jet detachment from the
wall, and the distribution curves indeed show that there are jet
reattachments at around x/D=1.5-2.0.

Figure 10(b) is the case with air as the coolant. It is clear from
this figure that the trends of &,/ hq versus x/D are quite similar to
CO,, but the air has a higher heat transfer coefficient. This is due
to the fact that air is lighter, and so it has a greater momentum
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Fig. 9 Distributions of nondimensional heat transfer coefficient h,/h, with

density ratio effect, M=1.0

under the same blowing ratio and thus results in higher heat trans-
fer coefficients [15]. Figure 10(b) also indicates that the heat
transfer coefficient versus blowing ratio is much more complex
for air than for CO,.

For CO,, M=1.4 is the blowing ratio where heat transfer coef-
ficient reaches its maximum. For air, the hg/ hqo versus the blow
ratio has several extrema instead of only one maximum for CO,.

Figure 11 shows the profiles of nondimensional streamwise
heat transfer coefficient versus x/D under rotation. Similarly, Fig.
11(a) is for CO, and Fig. 11(b) is for air, and the rotation number
Rt=0.0249 for all the tests.

Compared with Fig. 10(a), Fig. 11(a) shows a significant
change in heat transfer coefficient due to rotation, especially for
the suction surface. On the pressure surface, we see that the mag-
nitude of heat transfer coefficient is reduced compared with the
stationary case. The dimensionless heat transfer coefficient varies
from 1.1 to 1.4 for the pressure surface and its stationary counter-
part from 1.2 to 2.0. Another change for pressure surface is that
the blowing ratio has smaller effects on heat transfer coefficient,

Journal of Turbomachinery

and all the distribution curves tend to overlap.

The suction surface experiences a dramatic change, as we
would have expected due to the combined action imposed by the
centrifugal force and the Coriolis force. The heat transfer coeffi-
cient for the very near hole region at x/D <1.0 is enhanced espe-
cially for high blowing ratios; for example, there is a 20% in-
crease for blowing ratio M=1.8 at the hole edge. However, this
enhancement is rapidly reduced, and the heat transfer coefficients
are all below the stationary results for the rest of the surfaces for
all blowing ratios. As mentioned above, both the Coriolis force
and the centrifugal force on the suction surface are pointed to the
high-radius direction, and this leads to a great deflection of cool-
ant, and thus we would have expected higher heat transfer coeffi-
cient due to stronger interaction between mainstream and the
cooling jet. Why only enhanced over the near hole region? Re-
examing our data processing method, we speculate that this may
be because we have chosen a too narrow region for data averag-
ing. For each x/D location, we only chose =0.5D in spanwise for
heat transfer coefficient averaging. This is reasonable for the sta-
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Fig. 10 Nondimensional streamwise heat transfer coefficient versus x/D
for air and CO, injection at Ri=0 and different W

tionary analysis, but when it is under strong rotation, the film may
be outside this averaging area and may leave much undervalued
heat transfer ability. We may have to choose a much larger area
for averaging for film cooling under rotation, and this area may
have to be oblique to the mainstream.

Figure 11(b) presents the measured values of /,/hy with the air
injection. On the pressure surface, as shown in this figure, the
values of h,/h are again depressed than the stationary results, as
we have seen for the CO,. On the suction surface, the magnitudes
of heat transfer coefficients are also reduced compared with their
stationary counterparts. The %,/ h decreases rapidly for the first
1D downstream from the film hole, then increases gradually in the
region of x/D=1-3, and finally levels off at far downstream. This
reduction may also be caused by the too narrow averaging area we
chose for data processing, as mentioned above for the CO, case.

041005-8 / Vol. 131, OCTOBER 2009

3.3 Blowing Ratio Effects at Different Streamwise
Locations. Figures 12 and 13 present the distributions of nondi-
mensional streamwise heat transfer coefficient versus blowing ra-
tios at different streamwise locations for stationary and rotating
cases, respectively. In these figures, six different streamwise loca-
tions ranging from x/D=0-5 were chosen.

Figure 12 shows the distributions of h,/hy at Rr=0. In Fig.
12(a) we could find that the h,/hy with CO, injection increases
first and then decreases as the blowing ratio varies from 0.4 to 2.0.
The maximum value of h,/hq corresponds to M=1.4 for all six
streamwise locations. However, the trend of h,/hq with air injec-
tion is more complicated, and two evident peak values at M
=1.2 and 1.8 can be found in Fig. 12(). This might be because
the decrease in density ratio with air injection enhances the turbu-
lence mixing between the mainstream and coolant, which leads to
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Fig. 11 Nondimensional streamwise heat transfer coefficient versus x/D

for air and CO, injection at Rt=0.0249 and different values of M

an earlier transition. From Fig. 12, it can also be concluded that
the blowing ratios only give great influences on %,/ h or a region
not far from the hole with x/D <3.

Figure 13 presents the profiles of /,/h versus blowing ratios at
different streamwise locations for the rotating cases. The results
show that for the CO, injection with the increase in blowing ratio,
the values of h,/h increase continuously for the near hole region
with x/D=1 on the suction surface; however, on the pressure
surface the blowing ratio has little influence, as shown in Fig.
13(a). Figure 13(b) shows the blowing ratio effects for air injec-
tion under rotation. On the pressure surface, the blowing ratio has
evident influences on hg/ hqy at all the six streamwise locations,
and the values are fluctuant with the increase in blowing ratios.
However, on the suction surface, the heat transfer coefficients in-
crease slightly with the variation in M values from 0.4 to 2.0 for
the first 2D. However, we have to bear in mind that our data
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processing method may have chosen a too narrow area for data
averaging, and we may not have revealed the true picture of varia-
tion.

4 Conclusions

The present experimental study was conducted to investigate
the distribution of heat transfer coefficient for a film-cooled blade
under rotation. The test section is flat with a straight circular hole
angled 30 deg along the streamwise direction. The TLC technique
was used as it reveals a detailed temperature field. The blowing
ratios vary from 0.4 to 2.0, and air and CO, were used as the
coolant to investigate the effects of the density ratio. We may
draw the following conclusions.

1. For the stationary cases, the blowing ratio has a significant
influence on the convection heat transfer, especially in the

OCTOBER 2009, Vol. 131 / 041005-9
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Fig. 12 Nondimensional streamwise heat transfer coefficient versus blow-
ing ratios for air and CO, injection with different streamwise distance at

Rt=0

near hole region of x/D=0-3 in this study. With the in-
crease in blowing ratio, the heat transfer coefficient with
CO, injection is increased first and then decreased, and the
maximum value of h,/h corresponds to M=1.4. However,
for the air injection, there may be more than one peak value.
. For the rotating cases, the film trajectory has an obvious
deflection in the spanwise direction. And the deflection
angles on the suction surface are much more evident than
those on the pressure surface. This phenomenon can be at-
tributed to the combined action of the Coriolis force and
centrifugal force. The variations in density ratio and blowing
ratios have slight influences on the deflection.

. The influences of blowing ratio under rotation are more
complicated. For CO, injection, the magnitude of heat trans-
fer coefficient on the pressure surface is reduced compared

041005-10 / Vol. 131, OCTOBER 2009

with the stationary case, and the blowing ratio has smaller
effects on the h,/h, distribution. However, on the suction
surface, the heat transfer coefficient for the very near hole
region at x/D <1.0 is enhanced and then rapidly reduced to
be also below the stationary values. For air injection, rota-
tion also depresses the h,/hy for both the pressure and the
suction surface. However, on the suction surface, the hg/ hy
decreases rapidly for the first 1D downstream from the film
hole, then increases gradually in the region of x/D=1-3,
and finally levels off at far downstream. These heat transfer
coefficient reduction compared with their stationary counter-
parts may be due to the too narrow area we have chosen for
data averaging, and the film may be deflected well outside
this area.
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Rt=0.0249
4. The density ratio shows a considerable effect on the stream- hypy = heat transfer coefficient in the presence of film
wise heat transfer coefficient distributions especially for the cooling, W/m? K (hy=q/(Ty,~T,))
rotating cases. h, = heat transfer coefficient in the presence of film
cooling, W/m? K (h,=q/(T,~T,))
Acknowledgment hy = heat transfer coefficient in the absence of film
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temperature, K

velocity, m/s

x,y,z = Cartesian coordinate system: x, streamwise
direction; y, normal to the wall; z, spanwise
direction, mm

N
I

Greek Symbols
p = density, kg/m?
n = adiabatic film cooling effectiveness (7=(T,
_Taw)/(Tg_ Tc))
v = kinetic viscosity
® = rotating speed, rpm

Subscripts

o
Il

in the absence of film cooling
aw = adiabatic

¢ = coolant

g = mainstream

w = wall
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Film-Cooling Flowfields With
Trenched Holes on an Endwall

The leading edge region along the endwall of a stator vane experiences high heat transfer
rates resulting from the formation of horseshoe vortices. Typical gas turbine endwall
designs include a leakage slot at the combustor-turbine interface as well as film-cooling
holes. Past studies have documented the formation of a horseshoe vortex at the leading
edge of a vane, but few studies have documented the flowfield in the presence of an
interface slot and film-cooling jets. In this paper, a series of flowfield measurements is
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Department of M !1(AI m0||e evaluated at the leading edge with configurations including a baseline with neither film-
epartment ot Vechianica Ear?gineté(r:iszr cooling holes nor an upstream slot, a row of film-cooling holes and an interface slot, and

a row of film-cooling holes in a trench and an interface slot. The results indicated the
formation of a second vortex present for the case with film-cooling holes and a slot
relative to the baseline study. In addition, turbulence intensity levels as high as 50% were
measured at the leading edge with film-cooling holes and a slot compared with the 30%
measured for the baseline study. A trench was shown to provide improved overall cooling
relative to the no trench configuration as more of the coolant stayed attached to the

Pennsylvania University,
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endwall surface with the trench. [DOI: 10.1115/1.3068316]

1 Introduction

An endwall near the leading edge of a first stage vane experi-
ences high heat transfer coefficients and high fluid temperatures
from the combustor as a result of the formation of a leading edge
vortex. As the flow in the endwall boundary layer approaches the
vane stagnation location it decelerates as it experiences an in-
crease in the local static pressure. This deceleration is greater
outside of the boundary layer, than in the near-wall region result-
ing in a pressure gradient in the radial direction along the vane.
The pressure gradients result in the flow separating from the end-
wall and turning the flow toward the endwall. The motion of the
horseshoe vortex is one in which the less dense, higher tempera-
ture fluid convects toward the endwall causing an increase in the
local fluid temperature and convective heat transfer coefficient.

Past studies by Friedrichs et al. [1,2] showed that an endwall
leading edge is the most difficult region to cool. This is primarily
because the formation of horseshoe vortices lifts the coolant off
the surface, making it a challenge to cool the endwall. To date a
number of studies have been carried out that have measured the
flowfield at the leading edge but very few in the presence of
film-cooling holes and an upstream slot.

This study is unique as flowfield measurements with film-
cooling holes and film-cooling holes placed in a two-dimensional
transverse slot (trench) are presented. Recent studies by Bunker
[3], Waye and Bogard [4], and Sundaram and Thole [5] have
shown that a trench enhances the adiabatic effectiveness levels
when placed on a flat plate [3], a vane surface [4], or on an
endwall [5]. Our study focuses on applying the trench geometry at
the leading edge and measuring the resulting flowfield. These
measurements illustrate the leading edge flowfields and the turbu-
lence levels that are modified in the presence of film-cooling holes
and a trench.

The work presented in this paper compares three different lead-
ing edge endwall configurations including an endwall with neither
film-cooling holes nor an upstream slot, an endwall with film-
cooling holes and an upstream slot, and an endwall with film-
cooling holes placed in a trench and an upstream slot.
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2 Relevant Past Studies

Due to the formation of horseshoe vortices, the endwall leading
edge is a region of high heat transfer thus making it a challenge to
cool with only film-cooling holes. To enhance film-cooling at the
leading edge, few past studies focused on developing alternate
methods in addition to placing film-cooling holes. These studies at
the endwall leading edge focused on understanding the effects of
coolant injection through continuous and discrete slots. Studies by
Blair [6], Burd et al. [7], Oke et al. [8], and Zhang and Jaiswal [9]
showed that coolant flow from an upstream slot at the endwall
leading edge resulted in cooling only the suction side and not the
pressure side.

Kost and Nicklas [10] and Nicklas [11] were the first to carry
out an endwall study with coolant injection from an upstream slot
in addition to film-cooling holes. They confirmed that the adia-
batic effectiveness levels on the suction side were higher than the
pressure side due to the slot coolant migration. They also showed
that the slot flow intensified the horseshoe vortex as the ejection
through the slot occurred at the saddle point where the boundary
layer was already separated. Colban et al. [12,13] studied the ef-
fect of placing a backward facing slot at the combustor-turbine
interface. They showed that the slot flow enhanced the adiabatic
effectiveness levels on the suction side and eliminated the horse-
shoe vortex at the leading edge. Knost and Thole [14] studied the
effect of leakage flow through a slot at the combustor-vane inter-
face in the presence of film-cooling. They observed that the cool-
ant exited the upstream slot in a nonuniform fashion. This non-
uniformity was associated with the formation of a hot ring around
the stagnation region even in the presence of coolant ejection from
a row of film-cooling holes. A later study by Cardwell et al. [15]
showed that the size of this hot ring can be reduced by decreasing
the width of the upstream slot while maintaining a constant cool-
ant flowrate. This resulted in uniformly spreading the coolant due
to the higher momentum flux ratio associated with the jets.

Rehder and Dannhauer [16] studied the effect of tangential and
perpendicular ejections of leakage flow through a backward facing
slot placed upstream of a cascade. They observed that at a leakage
mass flowrate of 2%, the tangential ejection removed the horse-
shoe vortex and weakened the passage vortex, whereas the per-
pendicular ejection had an opposite effect of strengthening the
horseshoe and passage vortices. A recent study by Kost and Mul-
laert [17] showed that the horseshoe vortex is not intensified if the
upstream slot is placed away from the saddle point of the up-
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stream endwall boundary layer. They reported that a slot placed
further upstream from the vane leading edge results in better at-
tachment of the coolant to the endwall surface. Lynch and Thole
[18] showed that there is a uniform distribution of the coolant
exiting the combustor interface slot when it is placed further up-
stream from the vane stagnation location. They observed that the
adiabatic effectiveness levels downstream of the slot were higher
when the slot was located at a distance of 0.32C from the vane
stagnation location relative to when it was located at a distance of
0.13C. These studies of coolant flow through a slot showed that
effective cooling could be achieved by injecting a two-
dimensional layer of film-cooling over the surface.

Even though leakage flows through upstream slots improved
the effectiveness levels on the suction side, the leading edge es-
pecially along the pressure side was still devoid of coolant flow.
As such, better cooling designs have to be implemented to en-
hance adiabatic effectiveness levels at the leading edge. A study
carried out by Bunker [3] on a flat plate showed that discrete
film-cooling holes placed within a trench gave improved film-
cooling effectiveness levels. Bunker [3] showed that the narrowest
possible trench width relative to the interior cooling hole diameter
is most desirable. Lu et al. [19] investigated the effect of slot exit
area and edge shape on film effectiveness measurements made on
a flat plate. Their study showed that a straight edge exit performed
the best at a blowing ratio of M=1.0, whereas a ramped exit
enhanced the adiabatic effectiveness levels at lower blowing
ratios.

As film-cooling holes in trenches modify the hole exit, there
have been a few studies that have investigated this particular ef-
fect on actual turbine geometries. Waye and Bogard [4] applied
the trench configuration on the suction side of a first stage vane
with varying slot exit configurations. They tested a narrow trench
where the trench wall was at the film-cooling hole exit, a wide
trench where the trench wall was at a distance of one cooling hole
diameter from the hole exit, and a trench with an angled exit.
Similar to Bunker [3] they also found that the narrow trench per-
formed the best relative to a wide and angled exit trench and the
adiabatic effectiveness levels peaked for blowing ratios beyond
M=1.0.

Trenches were also tested on a vane endwall where the flows
are highly three dimensional with intense secondary flows.
Sundaram and Thole [5] studied the effect of trench and trench
depths for a row of film-cooling holes at the leading edge of a
vane endwall. They measured the adiabatic effectiveness levels at
different blowing ratios for trench depths corresponding to 0.4D,
0.8D, and 1.2D and found the adiabatic effectiveness levels to be
highest at a depth of 0.8D. Dorrington et al. [20] also observed
that a trench on a vane surface performs the best at a critical depth
of 0.75D. In addition, film-cooling holes in a trench were found to
reduce the heat transfer to a surface. Harrison et al. [21] measured
the heat transfer coefficient augmentation on a film-cooled vane
surface with and without a trench. They reported that the heat
transfer coefficient augmentations on the vane surface were simi-
lar for the cases with and without a trench. However, as a trench
resulted in higher adiabatic effectiveness levels, the net heat flux
reduction with a trench was higher than the case without a trench
thus indicating lower heat transfer to the surface.

This work focuses on measuring the flowfield at the leading
edge of a vane endwall with a row of film-cooling holes with and
without a trench. The purpose of these measurements is to gain a
greater physical understanding of why the trench design results in
superior cooling performance.

3 Experimental Design and Measurements

Figure 1 shows the experimental set up for this study that con-
sists of a large-scale corner test section attached to a low-speed
recirculating wind tunnel facility. Cardwell et al. [15] and
Sundaram and Thole [5] previously documented the wind tunnel
facility used in this study. The flow in the wind tunnel first passes
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Fig. 1 lllustration of the wind tunnel facility

through a primary heat exchanger to cool the bulk flow. Down-
stream of the primary heat exchanger is a transition section that
divides the flow into three passages including the primary main-
stream flow and two secondary coolant flows located above and
below the test section. Note that only the top secondary flow
passage was used in this study. Two different temperature settings
were maintained through the primary and secondary channels
while measuring the adiabatic effectiveness levels and flowfield
on the endwall. For the adiabatic effectiveness measurements, the
core flow was heated to 60°C and the secondary flow was cooled
to 20°C. However, for flowfield measurements, the mainstream
and coolant flows were both maintained at 30°C.

The scaled-up test section was attached to a corner of the wind
tunnel facility as shown in Fig. 1. The test section consisted of
two ful